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The quest for higher performances and durability of modern aero-engines
requires the understanding of the complex aero-thermal flow experienced in
a multi-row environment. In particular, the high and low pressure turbine
components have a great impact into the engine overall performance, and
improvements in the turbine efficiencies can only be achieved through de-
tailed research on the three-dimensional unsteady aerodynamics and heat
transfer. The present thesis presents an experimental study of the aerother-
modynamics in one and a half turbine stage, focusing on: the aero-thermal
flow in the overtip region of a transonic highly loaded high pressure (HP)
rotor, and the aerodynamics and heat transfer of an innovative low pressure
(LP) stator with a multi-profile configuration placed downstream of the high
pressure turbine, within an s-shaped duct.
Advanced instrumentation and measurement techniques were used and
developed to perform the experimental investigation in a short-duration tur-
bine test rig where both high spatial and time accuracy is indispensable. The
flow field at the rotor shroud was investigated with simultaneous measure-
ments of heat transfer, static pressure and blade tip clearance by using fast
response pressure, wall temperature and capacitance probes. Through re-
peat experiments at the same turbine operating point, the time-averaged
and time-resolved adiabatic wall temperature and convective heat transfer
coefficient were evaluated.
In the frame of new engine architectures, a novel stator for a LP turbine
is proposed with a multi-splitter layout that represents a new design solu-
tion towards compact, lighter and performing aero-engine turbomachinery.
It contains small aero-vanes and large structural aerodynamic airfoils which
are used to support the engine shaft and house service devices. The research
focuses on the experimental investigation of the global performance, aero-
dynamics and thermodynamics of this novel HP-LP vane layout. The tur-
bine was tested at three operating regimes depending on the pressure ratio
and the rotational speed. Time-averaged and time-resolved surface pressure
and heat flux measurements at the mid-section of the multi-splitter stator
were used to characterize the steady and unsteady aero-thermal flow field.
State-of-art CFD simulations were used to support the analysis and the un-
derstanding of the complex phenomena that characterize the flow physics
and assess the efficiency of the structural LP vane at design and off-design
conditions.
The goals of the research were to provide guidelines to design future aero-
engines and promote the understanding of the flow physics in transonic
turbine multi-row environments through analysis of the experimental data
and comparison with the numerical models. The study provides an exten-




El incremento de la eficiencia y la fiabilidad de los actuales aeromotores
requiere comprender el complejo flujo aero-termodinámico en presencia de
varias cascadas de álabes. En particular, las turbinas de alta y baja presión
tienen un gran impacto en las prestaciones globales del motor, y la mejora
de las eficiencias tan sólo es posible mediante una detallada investigación
aerodinámica del flujo tridimensional no estacionario y de la transferencia
de calor en la turbina. La presente tesis muestra un estudio experimen-
tal de la aero-termodinámica del flujo a través de una etapa y media de
turbina, concentrándose en: el flujo aero-termodinámico en la región sobre
la punta del álabe de un rotor transónico de alta presión muy cargado y
la aerodinámica y la transferencia de calor en un innovador estator de baja
presión con una configuración multi-perfil situado aguas abajo de la turbina
de alta presión, dentro de un conducto en ”S”.
Instrumentación y técnicas de medida avanzadas fueron desarrolladas y
utilizadas para la investigación experimental en un banco de ensayos de corta
duración para turbinas donde las resoluciones espacial y temporal son ambas
indispensables. El campo fluido sobre el cárter del rotor fue investigado con
medidas simultáneas de transferencia de calor, presión estática y holgura
de la punta del álabe usando sondas de alta velocidad para medir presión,
temperatura de pared y capacitancia. La evolución temporal de temperatura
adiabática de pared y coeficiente de convección fue evaluada y promediada
repitiendo los experimentos para el mismo punto de operación de la turbina.
Se propone un nuevo estátor para una turbina de baja presión con perfiles
múltiples que, en el marco de la arquitectura de aeromotores de vanguardia,
representa un diseño innovador para una turbomaquinaria compacta, más
ligera y con más prestaciones. Está compuesto de álabes de reducido tamaño
y otros más grandes con finalidad estructural que sirven para soportar el
eje y alojar dispositivos auxiliares. La investigación se centra en el estu-
dio experimental de las prestaciones globales y de las caracteŕısticas aero-
termodinámicas de la nueva configuración, teniendo en cuenta la interacción
con el rotor de la turbina de alta presión. Los ensayos de la turbina se re-
alizaron a tres reǵımenes de operación distintos en función de la relación
de expansión y la velocidad de giro. La evolución temporal de la presión
en la pared y del flujo de calor en la zona media radial del estátor multi-
perfil y sus promedios temporales se utilizaron para caracterizar el flujo
aero-termodinámico estacionario y no estacionario. Simulaciones CFD de
vanguardia se utilizaron para fundamentar el análisis y el entendimiento de
los complejos fenómenos que caracterizan el flujo y evaluar la eficiencia del
estátor en condiciones tanto de diseño como fuera de diseño.
El objetivo de la investigación fue proporcionar pautas para el diseño
de futuros aeromotores y fomentar la comprensión de la f́ısica del flujo
transónico en turbinas con varias cascadas de álabes a través del análisis
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de los datos experimentales y la comparación con los modelos computa-
cionales. El estudio proporciona una extensiva base de datos experimental
para mejorar y validar simulaciones CFD en turbomaquinaria.
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Resum
El increment de l’eficiència i la fiabilitat dels actuals aeromotors requereix
comprendre el complex flux aero-termodinàmic en presencia de varies cas-
cades d’àleps. En part́ıcula, les turbines d’alta y baixa pressió tenen un gran
impacte en les prestacions globals del motor, i la millora de les eficiències tan
sols es possible mitjançant una detallada investigació aerodinàmica del flux
tridimensional no estacionari i de la transferència de calor en la turbina.
La present tesis mostra un estudi experimental de la aero-termodinàmica
del flux a través d’una etapa i mitja de turbina, concentrant-se en: el flux
aero-termodinàmic en la regió sobre la punta del àlep d’un rotor transsònic
d’alta pressió i molt carregat i la aerodinàmica i la transferència de calor
en un innovador estator de baixa pressió amb una configuració multi-perfil
situat aigües baix de la turbina d’alta pressió, dins d’un conducte en ”S”.
Instrumentació i tècniques de mesura avançades foren desenvolupades i
utilitzades per la investigació experimental en un banc d’assajos de curta
duració per turbines on les resolucions espacials i temporals son ambdós
indispensables. El camp flüıt sota el càrter del rotor fou investigat amb
mesures simultànies de transferència de calor, pressió estàtica i folgança
de la punta del àlep utilitzant sondes d’alta velocitat per mesurar pressió,
temperatura de paret i capacitància. L’evolució temporal de temperatura
adiabàtica de paret i coeficient de convecció fou avaluat i amitjanat repetint
els experiments per al mateix punt d’operació de la turbina.
Es proposa un nou estator per una turbina de baixa pressió amb per-
fils múltiples que, en el marc de l’arquitectura d’aeromotors d’avantguarda,
representa un disseny innovador per una turbomaquinaria compacta, més
lleugera i amb més prestacions. Està compost d’àleps de redüıda grandària
i altres més grans amb finalitat estructural que serveix per suportar l’eix i al-
lotjar dispositius auxiliars. La investigació es centra en el estudi experimen-
tal de les prestacions globals i de les caracteŕıstiques aero-termodinàmiques
de la nova configuració, tenint en conter la interacció amb el rotor de la
turbina d’alta pressió. Els assajos de la turbina en van realitzar a tres
règims d’operació diferents en funció de la relació d’expansió i la velocitat
de gir. L’evolució temporal de la pressió en la paret i del flux de calor
en la zona mitja radial del estator multi-perfil i les seues mitjanes tempo-
rals s’utilitzaren per caracteritzar el flux aero-termodinàmic estacionari i no
estacionari. Simulacions CFD d’avantguarda s’utilitzaren per fonamentar
l’anàlisi i l’enteniment del complexes fenòmens que caracteritzen el flux i
avaluar l’eficiència del estator en condicions tant de disseny com fora de dis-
seny. L’objectiu de la investigació fou proporcionar pautes per al disseny de
futurs aeromotors i fomentar la comprensió de la f́ısica del flux transsònic
en turbines amb varies cascades d’àleps a través de l’anàlisi de les dades
experimentals i la comparació amb els models computacionals. El estudi
proporciona una extensiva base de dades experimental per millorar i validar
ix
simulacions CFD en turbomaquinaria.
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fs sampling frequency [Hz]
g pitch [m]
h tip clearance [m]
haw adiabatic convective heat transfer coefficient [Wm
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1.1 Research for jet engine turbines
Turbomachinery aerothermodynamics is an essential research area for energy
production and propulsion. Great efforts and resources have been spent in
the last decades to improve reliability and maintainability of aircraft en-
gines with concurrent reduction of the specific fuel consumption and weight.
In recent years, the interest of the gas turbine community has significantly
grown towards efficient generations of civil aero-engines with limited noise
pollution. A key component of modern gas turbine engines is the high-
pressure (HP) turbine module, Fig. 1.1. The high-pressure turbine, located
downstream of the combustion chamber, is used to power the HP compres-
sor. This component is the most challenging part of the whole engine to be
designed because of the large aerodynamic loads, blade speeds and extreme
temperatures.
Figure 1.1: Section view of the Rolls-Royce Trent 1000 engine (Copyright
Rolls-Royce).
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The maturity of the turbine technology is illustrated by the efficiency lev-
els in excess of 90% with limited margins for further enhancements. There-
fore, improvements in turbine performance compel a thoroughly understand-
ing of the flow in the machine environment.
Since the 1990s, aero-thermal research on HP turbines at engine-like con-
ditions (correct Mach, Reynolds and rotational numbers; temperature ra-
tios) has been conducted by groups in three countries:
 UK: Oxford University [1] and QinetiQ in Farnborough [2]
 USA: MIT [3], Ohio State University [4] and Wright Patterson Air
Force Research Laboratory [5]
 Belgium: von Karman Institute [6]
Research on the characterization of the flow field in a single-stage tran-
sonic turbine stage may be classified according to which extent the engine
environment is reproduced. Uncooled turbine geometries have been investi-
gated in order to measure and identify shock interaction [7–9], stator-rotor
potential field interaction [10, 11], viscous phenomena such as secondary
flow generation [12, 13] and wake effects [14], heat transfer [15, 16].
Efficient cooling strategies are required to guarantee the airfoil integrity
while operating at gas temperatures that exceed the material melting point.
Hence, cooling of airfoils and disk cavities, endwalls and shrouds are im-
portant research topics. Experimental works have addressed the impact of
coolant flows. Airfoil cooling has been the subject of a large number of
works where the research focused on the understanding of the coolant-to-
mainstream interaction and effects on both the turbine aerodynamics and
cooling effectiveness [17, 18]. Cold air is ejected from the hub disk cavity
to prevent hot gas ingestion and promote refrigeration of the rotor wheel
and blade hub platform [19]. Public literature on this topic is scarce and
only few works reported experiments on hub disk purge flows at engine-like
conditions [20, 21].
The highest degree of sophistication in turbine research is achieved in a
multi-component environment. The unsteady flow interactions between the
high-pressure turbine and components downstream (an IP or LP turbine)
or upstream (combustor) has only been recently published. Experimen-
tal studies were conducted on the effect of flow temperature distortions at
the turbine inlet section that simulate the presence of an upstream com-
bustion chamber [22, 23], hot-streaks effects on the aerodynamics and heat
transfer [24, 25], hot-streak clocking [26, 27]. As modern engine design phi-
losophy places emphasis on higher blade loading and smaller engine length,
the effects of unsteady interactions in a multi-row scenario become of ut-
most interest for turbine designers. Research focused on the study of the
stator-stator clocking effects on both the aerothermal performance of the
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downstream vane [28–30] and the unsteady rotor flow field [31, 32]. Ad-
ditionally, a number of publications addressed the interactions within an
aggressive s-shaped inter-turbine diffuser [33, 34].
The present survey on turbine aerothermal research has shown the large
variety of studies and the inherent complexity of the experiments. The
present work explores two different aspects of modern turbines: the unsteady
heat transfer and aerodynamics of the casing overtip flow, the experimental
analysis of the aerothermodynamics of an innovative low-pressure vane with
a multi-airfoil geometry.
1.2 Objectives of the work
The first part of the thesis addresses the unsteady heat transfer and aero-
dynamics of the casing overtip flow in a high-speed shroudless HP rotor,
Fig. 1.2a. The understanding of the complex flow phenomena and heat
transfer occurring at the blade tip gap is of crucial importance to develop
new transonic turbine designs with enhanced blade lifetime and improved
thermal and aerodynamic performances. The control of the aerodynamic
and the thermal loads on the rotor blade tip and rotor casing remain an
extraordinary challenge. However, little experimental research has been car-
ried out on rotor shroud flows at fully matched engine conditions because of
the complexity of the required measurement hardware. The present research
targets the experimental characterization of the aerodynamic and work pro-
cesses in the rotor tip gap. One of the primary scopes of the work is to obtain
measurements that are representative of the real engine situation where all
the relevant turbine parameters are correctly reproduced. These unique
data shall be used to obtain a better insight on the interaction of the tip
leakage flow with the rotor blade passage and shroud. An important goal of
the research is to identify the individual effects of the flow-field and the gas
temperature on the heat transfer generation in the overtip region. The ex-
perimental programme also investigates the existence of correlations between
the thermal and aerodynamic flow parameters with the rotor geometry, in
particular the blade tip clearance size. The measurements of the tip gap
flow are performed over a range of very tight tip gaps which has never been
previously investigated. This will allow to obtain original observations on
the aerothermodynamics of extremely narrow rotating clearances, represen-
tative of the working levels to be adopted in future aero-engine generations.
The assessment of the rotor casing heat loads can be used to perform reliable
thermal analysis that targets improved endwall cooling strategies and sup-
port design solutions for enhanced turbine shroud durability. The gathered
experimental data should serve to propose and validate flow models for the
overtip flow physics that can be used by turbine designer to predict possible
scenarios related with the design of high-performance transonic blade tip
sections.
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(a) (b)
Figure 1.2: Topics of the research work: a) view of the overtip flow on a
unshrouded rotor blade and b) the multi-profile LP vane architecture
The second part of this doctoral work is dedicated to the experimental
analysis of a multi-profile vane through measurements of the steady and un-
steady airfoil loads and heat transfer in a multi-row environment, Fig. 1.2b.
Experimental investigation into this type of turbine vane row architecture at
engine representative conditions is unprecedented, and no public literature is
available on the subject. The constant improvement of engine performance
must be accelerated by exploring new technologies and novel aerodynamic
configurations, such as the one presented here, which must be first tested and
understood in experimental facilities before being exposed to CFD research
[35]. The research addresses the different aspects involved in the overall
performances of the low-pressure vane component. Accurate time-average
and time-resolved pressure and heat flux measurements on the stator airfoils
are used to gain understanding of the complex flow physics in a one-and-
half turbine stage. The main objective is to comprehend the interaction
mechanisms between the LP vane and the upstream HP turbine stage and
to evaluate the interference effects between the bulky pylon-like strut profile
with the small conventional airfoils. The measurement of the unsteady ther-
mal and aerodynamic fields provides valuable information on the periodic
vane forces and the heat transfer pulsations in the perspective of improving
high-cycle thermal and structural fatigue and noise generation. The heat
transfer data also allows for detailed information on the boundary layer sta-
tus on the vane airfoils. Experiments are carried out at different operating
turbine regimes to analyze the behavior of the multi-splitter vane at design
and off-design conditions. Additionally, one of the target of the work is
to estimate the impact of the multi-airfoil architecture on the aerodynamic
performance of a LP stator in comparison to conventional, single-airfoil, ge-
ometry. Overall, the present research wants to provide guidelines about the
design of multi-airfoil turbine rows and assess the potential benefit of the
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multi-body stator configuration in a simulated engine scenario. This study
is of great interest to the turbomachinery community as the multi-profile
design concept could be adopted in the next generation of jet engines to
increase the performances of the HP-LP turbine modules while reducing
the components’ size and weight [36]. Additionally, the work brings a con-
tribution to the technical knowledge required to design compact s-shaped
transition ducts with an integrated structural low-pressure vane.
1.3 Research methodology
The present dissertation reports the results of an experimental research
which has lasted four years. The aerothermal flow field on a one-and-a-half
turbine stage was investigated in a annular rotating short-duration facility
able to mimic the real engine conditions. Two distinct test campaigns were
carried out for the study of the rotor shroud flow and the aerodynamics and
heat transfer of the multi-splitter LP vane.
One design and two off-design turbine operating conditions (in terms of
turbine pressure ratio and rotational speed) were selected for the investiga-
tion of the LP vane performances, whereas the rotor casing flow measure-
ments were carried out at design conditions only. Once the turbine operation
points were determined, the turbine wind tunnel parameters were adjusted
such as to reproduce the desired turbine conditions in terms of Reynolds
and Mach number, rotational numbers and temperature ratios. The aero-
dynamic conditions across the turbine stage are constantly monitored during
the experiments with detailed measurements of the time-average total pres-
sure, total temperature and static pressure. The actual blade tip clearance
is also measured thanks to a novel capacitance sensor located on the rotor
shroud.
In the first part of the experimental programme extensive testing is car-
ried out to characterize the aerothermal flow field on the LP vane geom-
etry. Pneumatic transducers, fast-response pressure sensors and thin-film
gauges are used to measure the steady and unsteady pressure loads and
heat flux around the airfoils mid-span section using interchangeable instru-
mented vanes. Analysis of the LP stator performances is also supported by
steady and unsteady CFD calculations.
The investigation of the rotor shroud flow is performed through simulta-
neous measurements of static pressure, heat flux and tip clearance at three
locations around the turbine annulus. Two novel probes were manufactured
and instrumented with thin-film gauges and fast-response kulite gauges to
be fit into the rotor casing. The heat transfer probe was equipped with an
heat exchanger that allows adjusting the temperature of the thin-film sub-
strate prior to a turbine run. This enabled to measure the adiabatic wall
temperature and convective heat transfer coefficient through repeat turbine
experiments at locally different wall temperatures. The effect of the tip
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clearance on the aerodynamics and heat transfer of the overtip flow is also
investigated by exploitation of the large blade-to-blade tip gap variations of
the current rotor geometry.
The analysis of the large amount of experimental data is supported by
evaluation of the measurement uncertainty. Use of CFD predictions is made
to support the experimental observations and help the flow understanding.
1.4 Thesis outline
This dissertation consists of six chapters which describe the work and results
of the doctoral research activity.
Chapter 1 offers a general overview of the state-of-art research on high-
pressure aero-engine turbines that defines the scientific background of the
present work. The main objectives of the thesis are presented and the re-
search approach used in the investigation is briefly illustrated.
Chapter 2 describes the turbine wind tunnel and the investigated one-
and-a-half turbine stage with details on the design and geometry of the HP
turbine and multi-profile LP vane. The definition of the turbine operating
conditions is reported here together with the final conditions experimentally
measured. A short description of the CFD methodology is also provided.
Chapter 3 presents the development of accurate rotor tip clearance mea-
surements for the transient blow-down test rig. After the description of the
measurement system, the sensor calibration procedure and data processing
techniques are explained. A methodology for the determination of the tip
clearance uncertainty is proposed. Finally, the results of intensive turbine
testing is presented and discussed.
Chapter 4 reports the description of the rotor casing flow investigation.
The instrumentation elaborated for this turbine experiment is described
and extensive explanations are provided on the measurement principles,
dedicated data reduction procedures and uncertainty estimations. The mea-
sured time-average and time-resolved adiabatic wall temperature, convective
coefficient, static pressure and tip clearance are presented and results are
extensively discussed.
Chapter 5 details the outcome of the aerothermal research on the multi-
body LP vane. The aerodynamic flow field is first described and steady
and unsteady pressure loads and vane forces are provided. Then, the time-
average and time-resolved heat transfer results are reported and commented.
The aerodynamic performances of the multi-splitter LP vane are analyzed by
means of CFD calculations in comparison to a conventional ”single-airfoil”
stator architecture.
Finally, Chapter 6 summarizes the results of this work and outlines the
main conclusions.
Chapter 2
Experimental apparatus and numerical
resources
2.1 The turbine test rig
The experimental investigation on the turbine stage article presented in this
thesis was conducted in the compression tube facility installed at the von
Karman Institute for Fluid Dynamics as depicted in Fig. 2.1.
Figure 2.1: The von Karman Institute compression tube turbine rig
The compression tube test rig is a short-duration wind tunnel for aero-
thermal testing of engine-size annular rotating turbine stages in aero-engine
similarity. The turbine facility working principle is based on the concept of
the ”Isentropic Light Piston Compression Tube” which was first developed
at University of Oxford in the 1970s [37, 38]. The design and construc-
tion of the von Karman Institute compression tube facility started in 1989
[39] and was completed in 1995. A detailed and comprehensive description
of the turbine rig is given by Paniagua [40]. The wind tunnel consists of
three main elements: the compression tube, the test section and the dump
tank (Fig. 2.2). The upstream cylinder (8 m long with a diameter of 1.6
m) contains a free-moving light piston which performs the air compression.
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The test section that contains the research turbine is located in between
the two reservoirs. A fast opening shutter valve separates the compression
cylinder from the test section which is connected to the vacuum tank via an
adjustable sonic throat.
Figure 2.2: Sketch of the rotating annular turbine facility
In a typical test cycle, the shutter valve is initially closed and the test
section and the dump tank are evacuated to vacuum, about 30 mbar absolute
pressure. The piston is at the rear part of the cylinder which is set to an
initial pressure Pini at ambient temperature Tamb. The turbine rotor is spun
up to nearly its design speed by an auxiliary power turbine. In order to start
a blow-down, cold high-pressure air is injected in the back of the cylinder
through sonic throats that regulate the injected mass flow. The piston
starts traveling along the tube driven by the gas entering from the back,
and thereby compresses the gas initially in the tube in a quasi-isentropic
fashion to the desired final pressure Pf . Adjustment of the initial pressure
level in the compression tube (Pini) allows setting the desired turbine inlet
total temperature according to:






Once the specified tube pressure is reached Pf , the shutter valve quickly
opens (∼70 ms) and lets the pressurized and heated gas to discharge into
the test section.
A blow-down of hot gas takes place over the cold turbine stage initially
at ambient temperature. As a consequence of the work exchange with the
high enthalpy flow, the rotor accelerates throughout the test since there
is no break device that can absorb the delivered net power. The turbine
pressure ratio is controlled by a variable sonic throat. The opening of the
sonic valve is adjusted prior to a test such that the volumetric flow rate
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entering at the back of the compression tube matches the volumetric flow
rate through the test section. This ensures that the aero-thermal parameters
are maintained constant during the blow-down. The degree of reaction of the
turbine imposes the nozzle guide vane exit Mach number. Once the piston
reaches the end of the cylinder or the throttle valve becomes unchoked due
to the filling of the dump tank, the test gas conditions are not anymore
constant. This condition corresponds to the end of the test.
Fig. 2.3 shows the evolution of the main turbine parameters during a
typical wind tunnel run. After the opening of the shutter valve at time
0 s, the turbine inlet total temperature (T01) and pressure (P01) steeply
rise up to their nominal test values in about 100 ms. The pressure losses
in the settling chamber mitigate the pressure fluctuations at the turbine
inlet (P01) and outlet (Ps3), which assume a step-like shape during the wind
tunnel blow-down start-up. On the other hand, the sudden release of gas
into the test section induces a large temperature peak at the beginning of the
transient which is recorded by both the turbine inlet and outlet temperature
sensors. Once the inlet turbine flow is stabilized, the correct aerodynamic
conditions exist in the test section for about 200-300 ms.
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Figure 2.3: Typical evolution of the turbine parameters during a blow-down
test
A detailed view of the test section is provided in Fig. 2.4. Upstream of
the nozzle guide vane an inlet contraction reproduces the outlet geometry
of a combustion chamber to simulate the real engine configuration.
The wind tunnel is also equipped with a coolant supply system that pro-
vides ”cold” air at ambient temperature into the test section. The coolant
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release starts some time before the blow-down takes place (typically 0.5-
0.8 s before the vent hole opening) and its effect is measured by tempera-
ture probes downstream of the turbine stage (T03) in Fig. 2.3. In order to
halve the rotor acceleration during the ”flow-on” phase, an inertia wheel is
installed behind the rotor disk to increase the rotating assembly total inertia
from 9.7 kgm2 up to 17.8 kgm2 [41]. At the test end the rotor starts deceler-
ating because of ventilation losses, and an aero-brake is activated to rapidly
decelerate the rotor disk to rest in only 2-3 minutes. The von Karman Insti-
tute turbine rig is the world’s largest short-duration isentropic light piston
facility. The test section is designed to install turbine blade rows with a tip
diameter of nearly 800 mm. In the configuration adopted for the present
experimental research reported in this thesis the test section was modified
to accommodate a novel low-pressure (LP) stator vane component with a
maximum outer diameter of about 930 mm, Fig. 2.4.
This wind tunnel provides a fully-scaled environment for testing large-
scale turbine components in engine-like conditions. Reynolds and Mach
numbers can be adjusted independently. The transient character of the
experiments allows reproducing and measuring the convective heat transfer
processes of the hot engine operation preserving the gas-to-wall and gas-to-
coolant temperature ratios found in modern aero-engines. Table 2.1 lists
the main turbine parameters reproduced in the the von Karman Institute
turbine test rig compared to the real engine conditions.
Figure 2.4: Meridional cut view of the turbine test section
2.2 The 1.5 turbine stage
The tested turbine module is composed of a high pressure stage and a low
pressure vane. The test section was adapted to include a s-shape diffuser
which links the HP stage to the downstream second stator. The LP stator
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TURBINE PARAMETER AERO-ENGINE WIND TUNNEL
Stage pressure ratio 2 − 5 2 − 5
Mvane,exit transonic transonic
Revane,exit 1 − 3 × 106 1 − 3 × 106
Inlet total flow temperature 1700 − 2100 K 400 − 500 K
Coolant flow temperature 850 K 285 K
Blade wall temperature 1200 − 1400 K 295 K
Tcoolant/Tgas 0.5 − 0.6 0.6
Twall/Tgas 0.6 − 0.7 0.6 − 0.7
Table 2.1: Aero-thermal scaling in the turbine rig
was placed within the duct. A meridional view of the test section that
contains the one and a half turbine stage is given in Fig. 2.5.
Figure 2.5: Detailed view of the 1.5 turbine stage
2.2.1 The high pressure turbine stage
The single-stage HP turbine stage is representative of advanced aero-engines.
The nozzle guide vane and the rotor rows were designed in the early 1990s
by Fiat Avio. The nozzle guide vane is composed of 43 airfoils. It was
designed for an axial inlet flow and a Reynolds number of 1×106 to provide
a flow turning of 73 degrees and a transonic outlet flow. The stator has a low
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aspect ratio (H/C=0.70) that limits the secondary flow generation. For the
current experimental work the stator stagger angle was 51.9 degrees. The
3D vane geometry is a cylindrical airfoil resulting from radial stacking of the
2D mid-section profile (Fig. 2.6a). The stacking line of the vane number 01
corresponds to the vertical axis of the machine and is taken as a reference
for all the measurements. The vane is equipped with a cooling slot along
the airfoil for coolant ejection from the pressure side near the trailing edge.
A detail of the cooling slot geometry is given in Fig. 2.6b.
(a) (b)
Figure 2.6: HP nozzle guide vane: a) 2D vane geometry and b) detail of
the trailing edge configuration for pressure side coolant ejection
(a) (b)
Figure 2.7: HP rotor row: a) picture of the rotor blades and b) rotor
stacking along the blade span
The rotor row was designed based on the HP vane outlet flow and consid-
ering an outlet Reynolds number of 0.5×106. The rotor counts 64 twisted
unshrouded blades. Fig. 2.7a displays a picture of the rotor blades installed
in the turbine rig. The rotor blade count resulted from a trade-off between
numerical efforts for the unsteady Navier-Stokes calculations of the turbine
stage, minimization of the secondary flows, and an adequate minimum TE
thickness. The rotor has a pitch-to-chord ratio of 0.75, an aspect ratio of
1.05 and a TE thickness of 1.02 mm. The blade count ratio is ∼2/3. The
blade profiles are radially stacked with a negative bowing in order to unload
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the tip sections (Fig. 2.7b). Endwall contouring is used to reduce the rotor
exit speed through an increment of the blade channel height by ∼10% in the
axial direction as shown in Fig. 2.5. The stator-rotor axial gap is 38% of
the HP stator axial chord. The rotor tip clearance was measured by means
of wear gauges and a capacitance-based proximity probe during the exper-
imental campaign. An extensive discussion of the tip clearance results is
provided in chapter 3. A summary of the HP turbine stage characteristics
is reported in Table 2.2.
HP VANE HP ROTOR




H (inlet/outlet) [mm] 50.70 / 50.70 51.97 / 55.81
hub mid-span tip hub mid-span tip
Chord [mm] 72.00 72.00 72.00 50.74 48.23 49.75
Axial chord [mm] 43.07 43.07 43.07 41.84 39.78 40.04
Pitch [mm] 50.34 54.04 57.75 33.76 36.28 38.80
Throat [mm] 13.64 15.36 17.07 13.00 14.54 19.50
Inlet radius [mm] 344.50 369.85 395.20 343.23 369.50 395.20
Outlet radius [mm] 344.50 369.85 395.20 339.39 367.30 395.20
Table 2.2: Design characteristics of the HP turbine stage
2.2.2 The multi-splitter low pressure vane
In the frame of new engine architectures, an innovative stator for the LP
turbine was proposed with a multi-splitter configuration (Fig. 2.8a). The
struts were re-designed from an aerodynamic point of view and included
in the LP vane together with small aero-vanes. The LP vane was placed
inside an S-shaped transition duct similar to those adopted in modern engine
designs. Fig. 2.8b shows a 3D view of the LP vane downstream of the HP
turbine stage.
The LP vane was designed by Snecma Moteurs in the frame of the Euro-
pean Project TATEF2 (Turbine Aero-Thermal External Flows 2). Details
on the design methodology can be found in [42]. The design of the stator row
and of the transition duct were optimized iteratively through combined use
of mono-dimensional analysis, meridional flow calculations and 3D Navier-
Stokes simulations.
The LP vane is composed of 16 large aerodynamic struts (structural vanes)
and 48 smaller airfoils (aero-vanes), arranged in a multi-splitter configura-
tion. The aerodynamic design of the stator was based on the HP turbine
outlet flow conditions, namely an absolute Mach number of 0.43 and a flow
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(a) (b)
Figure 2.8: The multi-splitter LP vane: a) picture of the LP vane module
and b) installation downstream of the HP turbine stage
angle of -13 degrees at mid-span with radial distributions of total tempera-
ture, pressure and flow angle available from previous measurements of the
rotor outlet flow. The LP vane outlet conditions were chosen such as the exit
flow angle is +60 degrees with an exit Mach number of 0.7, representative
of typical engine conditions. The selected outlet flow angle corresponded
to a co-rotative turbine configuration which provides a flow turning of ∼70
degrees. Three small aero-vanes are located in every large structural airfoil
pitch. Furthermore, the selected vane count ratio offers the best compromise
between costs and measurement efforts. The resulting four vane passages
were designed identical in an attempt to maintain the same mass flow distri-
bution at the stator outlet, guarantee uniform flow conditions, and limit the
the stator vibrations in a multi-profile configuration. The rear part of each
profile was designed identical with the same pitch as shown in Fig. 2.9a.
The 3D geometry of the four airfoils was obtained by stacking the same 2D
profile along a straight line. The small aero-vanes were designed identical to
ease the vane instrumentation and simplify the manufacturing (Fig. 2.9b).
The large maximum blade thickness for the strut vanes is imposed by the
design objectives. The maximum strut thickness (emax) was selected to be
20 mm, representative of minimum values required by mechanical reasons
since these bulky struts are used to support the engine case and to house
service devices and lubrication pipes. In order to maintain the profile losses
at an acceptable level, the ratio between the maximum thickness and the
chord (emax/C) is limited to 0.2 for the structural airfoil. For similar profile
loss concerns, the pitch to chord ratio (g/C) of the small aerodynamic airfoil
is also limited. The aspect ratio (H/C) results from a compromise between
secondary flow minimization and flow diffusion through the vane channels
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(small vane height). The main geometric characteristics of the low pressure
vane are reported in Table 2.3.
(a) (b)
Figure 2.9: The airfoils of the multi-profile LP vane: a) Comparison of
the strut and aero-vane profiles and b) picture of the four airfoils in multi-
splitter vane configuration
The geometry of the transition diffuser was selected to be representative of
modern engine configurations, with a relatively aggressive mean hade angle
of 30 degrees. In order to guarantee an optimal diffusion rate in the duct and
avoid boundary layer separation, the slope of the tip endwall was reduced
to 26 degrees in the front part (where the flow turning is still limited),
and increased to 32 degrees in the rear part. The geometric characteristics
of the s-shaped transition duct are listed in Table 2.4. The location of
the strut leading edge in the duct was selected according to the maximum
airfoil thickness to limit the interaction with the upstream turbine rows.
The position of the LP stator with respect to the HP turbine is reported in
Table 2.5.
2.3 Turbine operating conditions
2.3.1 Design of the turbine operative conditions
The scope of this investigation was to study the interaction phenomena
occurring between the three blade rows and assess the aero-thermal per-
formance of the multi-splitter low pressure vane. The initial target was to
investigate the one and a half turbine stage at two operating regimes by
varying the HP turbine total-to-static pressure ratio, i.e., the flow speed, at
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LP MULTI-SPLITTER VANE
Structural Airfoil Aero-Vane Airfoil
Vane count 16 48
Chord⋆ [mm] 99.0 51.8
Axial chord⋆ [mm] 95.4 41.9
Stagger angle [deg] 15.6 36.0
emax [mm] 20.00 8.75
emax/C 0.20 0.17
H (Inlet/Outlet) [mm] 52.56 / 63.85 56.76 / 63.85
H/C (Inlet/Outlet) 0.53 / 0.64 1.10 / 1.23
hub mid-span tip hub mid-span tip
Inlet radius [mm] 353.0 377.7 402.3 373.9 400.5 427.2
Outlet radius [mm] 390.3 420.2 450.2 390.3 420.2 450.2
Pitch (inlet) [mm] 138.6 148.3 158.0 36.7 39.3 41.9
g/C (inlet) 1.40 1.50 1.60 0.71 0.76 0.81
⋆Evaluated along a streamline
Table 2.3: Geometric characteristics of the multi-splitter LP vane
S-SHAPE DUCT
Area Ratio (Aout/Ain) 1.3
Axial Length [mm] 189
L/H 3
Hade angle - tip [deg] 26 - 32
Hade angle - hub [deg] 30
Table 2.4: Inter-turbine diffuser characteristics
Axial gap TE HPV - LE HPR 0.38×Cst1,ax
Axial gap TE HPR - LE strut LPV 1.15×Cr,ax
Axial gap TE HPR - LE aero-vane LPV 1.56×Cr,ax
Table 2.5: Blade rows distances at mid-span
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fixed inlet flow and rotor speed. The design pressure ratio was selected such
that the HP stator was choked and transonic, while the rotor flow remained
highly subsonic with limited excursions into the transonic regime (NOM
P/p). Thus, the turbine flow was characterized by both viscous and shock
wave interactions. The effect of the flow speed was studied by reducing the
stage pressure ratio to a lower value than for the nominal condition, which
provided fully subsonic flow across the turbine where the viscous effects and
the secondary flow are expected to be predominant (LOW P/p). One of the
main target of the present experimental investigation is the measurement
of the heat transfer onto the LP vane airfoils. A sufficient temperature dif-
ference must exist between the hot flow gas and the cold vane surfaces to
accurately determine the wall heat flux, and respect the gas-to-wall tem-
perature ratio found in a real engine environment. Therefore, the turbine
inlet total temperature has been set to 480 K to account for the total tem-
perature drop across the rotor due to work extraction, and achieve a total
temperature of 350-360 K at the LP stator inlet for the highest pressure ra-
tio. Consequently, the inlet total pressure and the design rotor speed have
been set respectively to 2.23 bar and 6790 rpm in order to preserve the
correct similarity with engine conditions in terms of Reynolds number and
mechanical speed (N/√T01). Cooling was adopted during the experiments
with coolant mass flow ejection (3% of the overall mass flow) through the
HP stator trailing edge.
The design of the test conditions was carried out by means of through-flow
calculations of the single stage HP turbine that yielded detailed information
on the stage flow characteristics. The design test conditions are summarized
in Table 2.6 where the velocities, pressures and temperatures of the stage
are presented together with the main turbine working parameters. At off-
design condition (LOW P/p - 6790 rpm), the inlet flow angle for the LP vane
changes drastically. Such large flow angle variation was expected to have a
detrimental effect on the LP vane aerodynamics since the flow approaches
the structural vane airfoil with a significant negative incidence. Therefore, a
third test condition was selected to correct the rotor outlet flow angle at low
pressure ratio by reducing the rotational speed down to 4500 rpm (LOW
P/p - LOW speed). Fig. 2.10 illustrates the velocity triangles at mid-span
for the three turbine operating regimes.
It is important to note that the design of the experimental test conditions
presented above is solely based on the aerodynamics of the HP turbine
stage, and the effect of the LP multi-splitter vane and of the transition duct
is neglected.
However, as the turbine pressure ratio increases, the flow speed at the tur-
bine outlet and through the downstream stator raises, and once the second
stator flow becomes choked, the turbine back pressure cannot be further
reduced. Hence, there was a limit to the HP turbine pressure ratio that
could be attained in the current experimental setup, which depended on the
capacity of the second stator.
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NOM P/p - NOM speed LOW P/p - NOM speed LOW P/p - LOW speed
hub mid tip hub mid tip hub mid tip
Turbine inlet
P0 [bar] 2.23 2.23 2.23
T0 [K] 480.0 480.0 480.0
M0 [-] 0.17 0.17 0.17
α [deg] 0.0 0.0 0.0
Vane outlet
P0 [bar] 2.22 2.22 2.22
V [ms-1] 447.5 422.8 400.8 371.4 350.8 332.6 414.0 391.1 370.8
M0 [-] 1.14 1.06 1.00 0.91 0.85 0.80 1.04 0.97 0.91
α [deg] 72.7 72.4 72.1 73.0 72.4 71.9 72.9 72.5 72.1
Rotor inlet
P0r [bar] 1.23 1.27 1.31 1.43 1.47 1.52 1.50 1.52 1.54
T0r [K] 405.5 409.1 413.0 423.2 427.0 431.0 429.0 430.5 432.2
W [ms-1] 224.1 189.5 160.3 153.4 127.8 109.6 262.0 230.9 202.9
Mr [-] 0.57 0.48 0.40 0.38 0.31 0.26 0.66 0.57 0.50
β [deg] 53.5 47.6 39.7 44.8 34.0 19.8 62.3 59.4 55.9
Rotor outlet
P0r [bar] 1.20 1.25 1.29 1.41 1.46 1.51 1.42 1.48 1.51
W [ms-1] 315.2 328.3 340.9 218.3 234.9 250.9 222.0 242.9 251.7
Mr [-] 0.83 0.87 0.90 0.54 0.59 0.63 0.55 0.60 0.63
β [deg] 62.7 62.2 56.4 62.5 61.7 55.6 62.5 61.8 55.6
Turbine outlet
P0 [bar] 0.85 0.86 0.91 1.22 1.24 1.29 1.219 1.237 1.269
T0 [K] 367.2 367.7 373.0 405.8 407.2 412.3 410.3 408.6 411.0
V [ms-1] 149.2 156.1 188.6 112.4 123.7 158.9 108.4 122.0 144.0
M0 [-] 0.39 0.41 0.50 0.28 0.31 0.40 0.27 0.30 0.36
α [deg] 14.2 10.7 1.6 -26.3 -26.0 -26.9 19.2 19.6 9.2
Turbine parameters
Π [-] 2.92 1.92 1.92
ω [rpm] 6790 6790 4500
ṁ [kgs-1] 13.6 13.4 13.6
Power [MW] 1.51 0.98 0.97
Revane [-] 1.3×106 1.2×106 1.3×106
Rerotor [-] 5.5×105 4.9×105 5.0×105
Φ [-] 0.49 0.40 0.67
Ψ [-] 1.79 1.16 2.58
DoRms [-] 0.29 0.32 0.319
Ωr [-] 1.52 1.83 1.09
Table 2.6: Turbine flow by NISRE calculation for the three operating con-
ditions
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Figure 2.10: HP turbine velocity triangles for the three operating conditions
A simple theoretical investigation was carried out to assess the coupling
between the turbine and the second stator flow fields. Based on the pre-
dictions of the through-flow solver of the single-stage turbine, the variation
of the turbine velocities with the total-to-static pressure ratio was repre-
sented in Fig. 2.11. The turbine is choked for a pressure ratio of about 2.4,
when the HP vane outlet Mach number reaches unity. At higher pressure
ratios, the relative rotor exit speed keeps increasing monotonically while the
HP vane outlet velocity remains nearly constant once the rotor chokes at
a pressure ratio of ∼3.3. The flow characteristics at the second stator inlet
are estimated by means of a mono-dimensional analysis based on the the
rotor outlet Mach number, flow angle, and the second stator geometry. The
variation of flow speed and angle through the duct from the rotor exit to
the LP vane inlet plane is calculated by applying the conservation of mass
flow and angular momentum along a streamline located at the channel mid
radius.
Downstream of the strut leading edge the flow is assumed to enter the
aero-vane passages with no swirl component, independently of the turbine
outlet flow angle since the strut airfoils guide the flow through the passage
and redirect it towards axial direction. Mass flow conservation between
the LP vane entrance and the aero-vane leading edge yields the flow Mach
number at the aero-vane inlet. The radial velocity and angle distribution
at the turbine exit and the effect of the duct curvature have been neglected
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in the present model. No pressure losses have been assumed along the duct
and in the stator row.
The condition that limits the pressure ratio at the turbine outlet is the
choking of the second stator. As the flow velocity reaches the unity at the
stator sonic throat, the aero-vane inlet flow speed must remain below a
certain value such that the flow can smoothly accelerate through the vane
passage up to the geometric throat. Assuming a one-dimensional isentropic
expansion of a perfect compressible fluid through a duct of varying area,
the Mach number at a certain section along the aero-vane channel is only a
function of the considered section area and the critical area of the passage













Eq. 2.2 is used to compute the highest Mach number allowed at the aero-
vane inlet section when the second stator is choked. The maximum inlet
Mach number is compared with predictions of the flow Mach number normal
to the aero-vane inlet section as a function of the turbine pressure ratio. The
results of the model predictions are shown in Fig. 2.11. Raising the turbine
pressure ratio causes the rotor outlet speed and the meridional Mach number
to increase at the aero-vane entry plane. At a pressure ratio of about 3.1,
the inlet meridional Mach number exceeds the theoretical limit of 0.37 and
the LP vane is choked. Therefore, any further increment in pressure ratio
is shown to be theoretically incompatible with the LP vane geometry. The
model prediction was actually proved accurate by experiments in the turbine
wind tunnel where turbine pressure ratios above 2.95-3.0 could not be finally
attained. Therefore, the turbine hardware could not be tested at operative
regimes where the rotor outlet flow would be fully supersonic.
2.3.2 Experimental test conditions
The turbine operation was controlled through measurements of the flow con-
ditions in the fixed frame of reference at four axial planes in the test section.
Due to the blow-down principle of the short-duration test rig, the instru-
mentation has been designed to operate with frequency responses ranging
between 50 Hz and 500 Hz in order to capture the transient flow variations
and measure accurately the quasi-steady performance of the turbine. This
section reports only information on the instrumentation used to monitor the
turbine operating conditions, whereas a detailed description of the measure-
ment techniques employed for the characterization of the LP multi-splitter
vane aero-thermal performances and of the overtip rotor casing flow field is
provided in the next chapters.
Fig. 2.12 sketches the location along the machine axis of the measurement
planes that are identified with a terminology that will be used in the entire
thesis. Plane 01 is positioned at the turbine inlet, 0.66×C HPV,ax upstream
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Figure 2.11: HP turbine flow as a function of the stage pressure ratio
(stand-alone configuration) and prediction of the turbine pressure ratio limit
(1.5 turbine stage configuration)
of the nozzle guide vane leading edge. Total pressure and total temperature
measurements were carried out at the turbine inlet by means of kiel pneu-
matic pressure probes and thermocouples. Two reference probes that are
equipped with a kiel head pitot probe and a thermocouple sensor were placed
at mid-span at two pitch-wise locations in correspondence of the stacking
axis of the inlet guide vane (Fig. 2.12). The inlet plane was also instru-
mented with a 4-head pitot probe and a rake of 4 thermocouples to obtain
radial distributions of the total pressure and total temperature. Plane 02
corresponds to the inter-row spacing between the first stator and the rotor
and is located 0.035×C HPV,ax downstream of the first stator trailing edge.
No probe was installed in the free-stream flow at this location due to the
narrow space available and the risk of high blockage as the stator outlet flow
is transonic. The static pressure was measured at the hub and tip endwalls
with pneumatic lines and sub-surface mounted fast-response pressure sen-
sors alternately and equally spaced. Ten pressure taps are distributed across
one vane pitch as shown in Fig. 2.12. The inlet and exit flow field of the LP
vane were monitored in plane 03 and plane 04. The measurement planes are
respectively located 0.29×C strut,ax upstream of the strut vane leading edge
(i.e., 0.45×C r,ax downstream of the rotor trailing edge) and 0.25×C strut,ax
downstream of the aero-vane trailing edge at mid-span. In these planes the
total pressure and total temperature were monitored at 50% span with two
22 Chapter 2. Experimental apparatus and numerical resources
reference probes and the static pressure was measured at the tip and hub
endwalls with two rows of 9 pneumatic taps that cover one full structural
vane pitch in two distinct sectors 90 degrees apart. A cross-rake pitot probe
with 9 kiel heads was located downstream of the second stator vane at a
fixed position.
Figure 2.12: Test section measurement planes and instrumentation for
monitoring the turbine operating conditions
The steady pressure measurements were carried out by means of relative
pressure sensors, inexpensive piezo-resistive Sensym 240-PC-006D sensors
accurate to 0.1% of the full span, i.e., around ±2.5 mbar (20:1). Total pres-
sure was measured with Kiel head pitot probes. The Kiel head is a vented
cylinder that surrounds the pitot tube and serves to improve the dynamic
pressure recovery and minimize the probe sensitivity to angle variations.
Although the use of the kiel head, the total pressure probes may still lack
the recovery of few tenths of a millibar. Pressure taps were drilled normal
to the surface wall with a small diameter of 0.8 mm that provides a good
compromise between sensor response time, measurement spatial resolution
and accuracy. The path and length of the pneumatic lines which connect the
measurement points to the transducers outside of the wind tunnel were op-
timized in order to ensure an acceptable time response for the low-frequency
pressure measurements. The pressure gage calibration was performed in-situ
by sampling the transducer voltage output in the facility test section prior
to each turbine run at vacuum and atmospheric conditions.
The total temperature probes were equipped with thermocouple sensors.
Thermocouples are active sensors based on the Seebeck effect in which two
metal wires of different material are connected at a junction point. A net
voltage is generated at the wire extremities that is proportional to the tem-
perature difference between the junction and the two wire ends. For the
current research, thermocouple type K (chromel-alumel) were used with a
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design junction diameter of 25-50 µm for the reference probes and 90 µm
for the thermocouple rake. The temperature probe design was specifically
suited for accurate temperature measurements in transient wind tunnels and
high-speed flows (Paniagua, [40]). Thermocouples were calibrated in a con-
trolled stirred oil bath referenced to a precision mercury thermometer. The
thermocouples’ readings are compensated for the velocity error through the
use of a recovery factor which is function of the flow speed. Once the recov-
ery factor (r) and the flow speed (Mach number) are known, the actual gas
temperature can be computed according to the following equation:
Tjunction = T0 [1 − (1 − r) (γ − 1)M
2
2 + (γ − 1)M2 ] (2.3)
The velocity error at the stage inlet is about 1 K, while it raises up to 4-5 K
at at the turbine exit and up to 10-12 K at the LP stator outlet where the
flow speeds are higher. The overall uncertainty on the total temperature
measurements is estimated to be about ±1.0 K, though the measurement
repeatability is typically higher (±2 K) due to test-to-test variations and
gas temperature fluctuations inside the turbine rig.
The rotor speed and the rotor acceleration were measured by means of a
high-frequency infrared photodiode facing a rotor disk system which delivers
126 pulses per rotor revolution [43]. In addition to the photodiode tachome-
ter, the signal of the newly installed capacitance-based tip clearance probe
were used to evaluate the turbine rotational speed and acceleration.
The time-average temperature and pressure data in a turbine test were
sampled at 1.5 kHz for a duration of 6 s which covers the whole gas blow-
down event and starts 3 s before the opening of the shutter valve which
provides the trigger event for the acquisition (Fig. 2.3). The experimental
data are averaged over a time window of 40 ms just before the end of the test.
During this time the turbine inlet total temperature and pressure remain
constant and the rotor speed is within its design value.
In order to reduce the uncertainty on the measurements of the turbine
operating conditions at the control planes, the flow pressure and temperature
result were area-averaged from the different circumferential locations. The
stage inlet total temperature and total pressure resulted from the average
of the two reference probes’ readings and the measurements of the two mid-
heads of the rake probes. The static pressure at the hub and tip endwalls
in planes 02, 03 and 04 was the average of the pitch-wise distribution across
a vane pitch. At the HP stage exit and at the LP vane outlet the total
temperature and pressure resulted from the average of the reference probes’
readings. The flow Mach number was estimated via the average of the hub
and tip endwall static pressure and the total pressure readings at mid-span.
The experimental mean values that define the turbine operating condi-
tions are reported in Table 2.7. The measurement repeatability was esti-
mated with a confidence level of 95% expressed as a percentage of the mean
value. The measurement uncertainty on a single measurement was generally
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smaller than the test-to-test variability. Levels of pressure, temperature and
flow speed at the LP vane inlet and outlet planes are reported in Table 2.8.
Condition P01 T01 P01/Ps3 M2hub M2tip ω Acc P
[bar] [K] [rpm] [rpm-1] [MW]
NOM-NOM (LPV)
Mean 2.248 472.4 2.92 1.09 0.94 6786 1054 1.40
σ (20:1) 0.9% 1.7% 1.1% 0.93% 0.66% 0.2% 1.89% 1.9%
NOM-NOM (Shroud)⋆
Mean 2.240 471.4 2.92 N.A. 0.97 6786 1067 1.41
σ (20:1) 1.3% 1.7% 0.5% - 0.67% 0.1% 2.56% 2.5%
LOW-NOM
Mean 2.253 472.3 1.92 0.90 0.78 6791 645 0.85
σ (20:1) 1.03% 1.79% 0.77% 0.30% 1.06% 0.26% 2.01% 1.94%
LOW-LOW
Mean 2.238 473.6 1.93 0.97 0.83 4519 971 0.86
σ (20:1) 0.9% 1.5% 0.5% 0.54% 0.77% 0.4% 1.11% 1.2%
⋆No cooling supplied at the HP vane TE
Table 2.7: Experimental test conditions for the HP turbine stage
Condition M3 M4 P01/P03 P04/P03 T03/T01 T04/T03
NOM-NOM (LPV)
Mean 0.38 0.70 2.65 0.973 0.762 0.996
σ (20:1) 1.1% 2.3% 1.0% 2.1% 1.0% 2.0%
NOM-NOM (Shroud)
Mean 0.38 0.68 2.64 0.967 0.772 0.998
σ (20:1) 1.5% 1.8% 1.7% 2.7% 1.0% 2.4%
LOW-NOM
Mean 0.29 0.40 1.83 0.941 0.827 0.991
σ (20:1) 3.43% 3.80% 1.86% 1.99% 3.15% 1.71%
LOW-LOW
Mean 0.31 0.39 1.80 0.993 0.826 0.994
σ (20:1) 4.1% 2.0% 1.4% 0.8% 0.8% 1.3%
Table 2.8: Experimental test conditions for the LP vane
In all the tests carried out for the characterization of the aero-thermal per-
formance of the LP multi-splitter vane (see Chapter 5) the cooling ejection
was supplied at the stator trailing edge. In the experimental campaign for
the study of the rotor overtip flow aero-thermodynamics the turbine article
was tested uncooled in order to minimize the complexity of the investigation
(see Chapter 4). In the absence of cooling, the mean outlet temperature was
slighlty higher as well as the flow velocity. The turbulence level at the stage
inlet was measured in previous a previous experimental campaign to be 5%
[44].
The span-wise distributions of the total pressure and temperature at the
stage inlet plane are shown in Fig. 2.13. Due to the large size of the settling
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chamber and the symmetry of the turbine rig test section, the inlet flow is
assumed axial and uniform in the peripheral direction. The measurement
data were normalized by the value measured by the reference probes at mid-
span in order to remove the test-to-test variations. The pressure profiles
are symmetrical and no apparent variations were observed for distributions
measured at different test conditions. The pressure profile also indicated
the presence of a thin inlet boundary layer at the nozzle guide vane inlet.
The temperature distribution was characterized by an asymmetric profile
and by a thick thermal boundary layer, especially at the tip endwall where
the total temperature drops by 8% with respect to the mid channel value
while in the hub region the temperature reduction is only 2%. The large
temperature deficit at the turbine inlet plane is attributed to the relatively
long duct upstream of the stator row. The walls of the inlet contraction
are at ambient temperature prior to a turbine test, and thus during the
blow-down the hot flow is cooled down.
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Figure 2.13: Turbine inlet radial distributions of total temperature and
pressure
2.4 Numerical methods
In order to support the findings of the experimental investigation, two types
of numerical simulations were conducted.
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Calculations were performed to predict the steady and unsteady flow
through the 1.5 turbine stage and assess the interference effects between the
HP turbine and the LP multi-splitter vane. Three-dimensional CFD was
carried out by ONERA with their in-house solver elsA [45, 46]. This soft-
ware is capable of solving compressible three-dimensional Reynolds averaged
Navier-Stokes equations in the relative frame of reference. The elsA solver
uses a multi-domain approach on structured meshes and a cell-centered fi-
nite volume scheme. The time integration is accomplished with a backward-
Euler scheme coupled to an LU implicit phase technique. The calculations
presented in this work have been achieved with the one equation Spalart-
Allmaras turbulence model. Unsteady computations were performed with
a blade count reduction: the computational domain is composed of 3 HP
stators, 4 rotors, 1 structural vane and 3 aero-vanes. Fig. 2.14 shows a view
of the computational grid which was meshed with a 63 blocks structured
grid including 20×106 points. ”O-blocks” were used around the blades, and
”H-blocks” filled the rest of the passage as shown on the figure below. The
rotor tip clearance gap was also taken into account and a fixed value of
h=0.45 mm was used in all the calculations. The values of the normalized
distance of first wall cell (y+) at the blade wall were lower than 2.
The three experimental turbine operating points were investigated. At the
turbine inlet the measured total pressure and temperature were prescribed
and axial flow was considered. The stage pressure ratio was specified at
the hub outlet, and then radial equilibrium was applied. Walls were treated
applying a non-slip condition as well as a uniform temperature distribution
(Tw=291.5 K). The boundary layer was assumed to be fully turbulent. The
unsteadiness induced by the blade passing was taken into account through
the use of the reduce blade count approach [47] with a stage reduction
matching conditions at the interface between adjacent blade rows. The
steady-state 3D calculations were performed with a mixing plane approach.
It has to be remarked that the time-accurate RANS simulations were per-
formed with a relative pitch-wise position between the two stationary vane
rows (the so-called clocking or indexation) that did not match the one ac-
tually set in the turbine experiments for the instrumented LP vane sector.
An offset of 2 degrees exists between the relative positions of the strut vane
leading edge with respect to first stator leading edge in the CFD domain
and the experimental setup. This angular difference corresponds to a cir-
cumferential rotation of the LP vane row equivalent to 36% of the aero-vane
pitch or 24% of the HP vane pitch. The prediction of the unsteady flow
field in the LP vane and the interaction with the upstream turbine stage
are strongly affected by the stator-stator clocking position which modifies
the trajectory of the HP stator wake avenue migration and the flow angle
incidence on the LP vane profiles [48]. The clocking effect is also enhanced
by the multi-profile configuration as the three aero-vane experiences a dif-
ferent unsteady flow-field depending on the strut airfoil location. Therefore,
the time-resolved numerical predictions were employed only as a qualitative
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Figure 2.14: View of the computational grid of the 1.5 turbine stage for
numerical simulations with the elsA solver
support for the interpretation of the experimental results.
A second numerical investigation was conducted to assess the influence
of the multi-body architecture on the aerodynamic performance of the LP
vane. The multi-splitter stator concept was studied in a one-and-a-half
stage turbine configuration by comparing numerical predictions of the multi-
profile geometry against predictions of a conventional single-airfoil geometry
where the splitter vane is replaced by an aero-vane profile. Simulations were
carried out at the turbine design point (NOM P/p - NOM speed) and at
three off-design conditions with fixed rotational speed (6790 rpm). Fig.2.15
displays the two turbine configurations. The first model is identical to the
geometry experimentally investigated. It consists of 36 blocks, covering the
nozzle guide vane and rotor blade passages plus one strut and three aero
vanes (Fig.2.15, left). In the second model the strut airfoils were replaced by
aero-vanes profiles (Fig.2.15, right). Therefore, only 18 blocks (single NGV,
rotor blade and aero-vane) were used to generate the computational domain.
The mesh contains around 5×106 and 3×106 grid points for the splitter-
vane scheme (model 1) and the aero-vane alone configuration (model 2),
respectively. An ”O-type” grid topology was selected around the airfoil
whereas an ”H-type” grid was used in the rest of the domain.
Steady-state computations of the two geometries were performed at the
von Karman Institute using the solver FINE, [49]. A mixing plane approach
was considered for the coupling of the three row grid interfaces. The one
equation Spalart-Allmaras turbulence model was selected. The calculated
value of y+ at the airfoil walls was lower than 5. The experimental total
pressure and total temperature were imposed as the inlet boundary condi-
tions. The measured static pressure at hub was used as outlet boundary
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Figure 2.15: Numerical domain of the multi-splitter (left) and conventional
(right) design with details of the grid topology around the aero-vane LE and
TE
condition and radial equilibrium is then applied. A periodic boundary con-
dition was applied at the sides of the domain. Four runs were performed
for both models varying the operating pressure ratio of the turbine. The
turbine flow conditions of the four operating points and the results of the
numerical campaign will be presented and discussed in chapter 5.
Chapter 3
Development of accurate rotor tip
clearance measurements
3.1 Introduction
The accurate control of running gaps between static and rotating compo-
nents is vital to preserve mechanical integrity and ensure a correct func-
tioning of any compact rotating machinery. In modern aircraft propulsion
systems, blade tip clearance plays a major role in the characterization and
development of reliable and efficient aero-engines. In current turbine stages,
hot leakage jet flows above the rotor airfoil tips resulting in 30% of the
total aerodynamic losses [50]. Therefore, the gap between the rotor blade
tip and the stationary shroud must be minimized. However, turbine de-
signers commonly set a safe minimum gap to prevent mechanical rubbing
between the blade tips and the casing that may result in rotor damage or
catastrophic failure. Thus, the selection of an optimum tip clearance re-
sults from a trade-off between aerodynamic performance and mechanical
integrity. Unfortunately, as a consequence of manufacturing and installa-
tion tolerances, vibrations, different expansion rates of blades, rotor disk
and casing induced by thermal and speed transients, the rotor tip clearance
undergoes large variations during engine service operations [51]. Hence, ad-
vanced tip clearance active control concepts must rely on accurate real-time
clearance measurement systems to achieve highest engine efficiency with
increased safety margins. Additionally, blade tip clearance measurements
are routinely used in engine development programs to verify the mechanical
design and tune numerical predictions [52].
Various sensing principles have been proposed for non-contact gap mea-
surements in large-scale turbomachinery. Optical probes [53, 54] provide
the largest resolution and bandwidth. However, optical sensors are complex
and expensive as well as being highly vulnerable to particle contamination.
Microwave-based sensors [55] are rugged with no sensitivity to debris, but
their application to detect small blade thickness is impractical. Ultrasound
probes [56] overcome the target size limitation but show dependency on the
properties of the gap fluid. Pneumatic sensors measure how the flow is dis-
turbed by the passage of an object to determine its distance [57]. They
suffer neither contamination nor electromagnetic fields, but their use in en-
gines is restricted by the low accuracy and slow fluid response. Conversely,
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eddy current probes are commonly applied for proximity measurements in a
wide range of turbomachines due to the simple design, robustness and high
signal-to-noise ratio [58]. The main drawback of this type of sensor is its
working temperature capability, which is limited by the curie point of rare
earth magnets, usually around 500 K.
In aero-engines the most challenging tip clearance measurements are car-
ried out in the high pressure turbine where temperatures, pressures and
rotor speeds are the highest. Sensors should thus be capable of withstand-
ing temperatures above 1500 K, have a reduced size and improved working
range (0-5 mm), and a high bandwidth to resolve blade passing frequencies
of the order of tens of kHz. Tip gap measurements in current gas turbine
applications are commonly based on capacitance systems. Similarly to eddy
current probes, capacitance-based tip clearance sensors are low cost and
rugged devices with the best potential to adapt to harsh working condi-
tions. The technique relies on the measurement of the capacitance between
an electrode and a moving metallic target. Different capacitive detection
methods have been developed to sense the running tip capacitance. Bar-
ranger [59] used the Amplitude Modulation (AM) induced by a sweeping
target on a reference signal to quantify the capacitance change due to the
blade passage. Capacitive sensors also operate based on phase modulation
[60] and dual amplifier feed-back loop [61]. A capacitance gauge utilizing
a Frequency Modulated (FM) operating mode was proposed by Barranger
[62]. The probe-to-blade tip capacitance is fed into an oscillator whose out-
put frequency carries an imprint of the gap size. Chivers [63] developed a
guarded tri-axial FM sensor that minimizes the sensitivity to temperature
and vibrations based on Barranger’s FM probe. Intense research has tar-
geted the development of capacitive probes for testing in gas turbine engines.
Sheard et al. [64] performed accurate blade-to-blade tip clearance measure-
ments on the casing on an HP compressor using a hybrid self-calibrating
electromechanical-FM capacitance sensor. Fabian et al.[65] designed and
tested a capacitance-based tip clearance measurement system for micro gas
turbine applications. Developments of high temperature capacitance probes
for tip clearance measurements in engine validation tests were proposed by
Bailleul et al. [66], Muller et al. [67], and Sheard et al. [68]. However, no
sensors for engine flight have yet been realized [69]. The gas turbine industry
therefore has a strong interest for improved tip clearance instrumentation
for routine use on in-service engines. Further technology development is
needed to provide measurement systems with enhanced accuracy, increased
working range and extended lifetime.
This chapter reports the implementation and testing of a novel capacitance-
based system to measure single-blade tip clearance over the rotor of a engine-
size research HP turbine. The sensing apparatus is composed of a robust
capacitive probe connected to the signal conditioning unit via a co-axial
cable. The tip clearance instrumentation presented here allows high band-
width measurements and large distances to be set between the sensor and
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the electronics without any abatement. The tip clearance probe was cali-
brated on a simplified test bench to assess the sensor output and determine
the measurement uncertainty. In a second phase the probe was mounted on
the shroud of a large transonic turbine rotor where tip gap measurements
were carried out. A procedure to calibrate the tip clearance probe in-situ
by means of wearing gauges is described and a sophisticated technique that
ameliorates the calibration data reduction is presented and validated. A
technique was also used that enables the capacitance probe self-calibration
in-situ when a reference distance is not readily available. The methodology
to measure blade-to-blade and average rotor tip clearance and the signal
processing procedure were demonstrated through an extensive experimental
campaign. The results were used to assess the measurement system perfor-
mance and characterize the rotor tip clearance variations in a typical run of
a short duration turbine rig. The presented methodology can be applied to
any rotating machinery.
3.2 Measurement system
3.2.1 Capacitance sensor principle
In the current research work a capacitive probe system, developed by Hytron
GmbH [70], was used to perform distance measurements between the rotor
blade tip and the casing in gas turbines. The proximity measurement system
is based on the detection of the capacitance between a probe and a moving
conductive blade. Fig. 3.1a displays a schematic representation of a rotor
blade and the tip of a typical capacitance-based probe installed in the turbine
engine casing. The sensor head is composed of two co-axial conductors, the
round-rod electrode and the guard electrode, separated by an insulator. The
guard electrode ensures that the central electrode is electrically insulated
from the metallic shroud in which is mounted. As a rotor blade sweeps
under the probe head, the sensor electrode and the blade tip establishes a
variable capacitance. The resulting capacitor is a function of the plates’
geometry, the properties of the medium in between and the gap between the
plates. If fringe effects are neglected, the probe-to-target capacitance (Cx)




where εr and ε0 are the permittivity of the medium and the vacuum, S
represents the common area between the two plates and d is the probe-to-
target distance. The capacitance Cg that forms between the guard electrode
and the blade tips can be neglected since the rotor blades are electrically
grounded to the engine casing via roller bearings and seals. Thus, the total
capacitance sensed by the proximity measurement system is the sum of the
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shunt capacitance of the probe alone (C0) and the probe-to-target capaci-
tance (Cx). The total system shunt capacitance C0 depends on the geometry
of the probe head, the insulator material between the cylindrical electrodes,
the length of the cabling and is typically in the order of 500-1000 pF. Con-
versely, the passage of a rotor blade results in a small capacitance change
to be measured at the probe head, approximately three orders smaller than
the system shunt capacitance.
The proximity sensor presented in this work adopts a novel concept to
accurately detect such narrow capacitance variations. A high frequency
signal is transmitted trough a co-axial cable to the probe and then reflected
back at the sensor tip. The close passage of a moving target modifies the
probe response and modulates the reflected signal content. The input and
probe-modulated signals are subsequently compared and processed by means
of a heterodyne technique that yields direct information of the instantaneous
tip clearance.
Figure 3.1: Sketch of the proximity measurement system: a) cut view of
the sensor head and b) tip clearance measurement system block
3.2.2 System specifications
The configuration of the tip clearance capacitive measurement system is rep-
resented in Fig. 3.1b as a simplified block diagram. The system is composed
of three main elements: a sensing probe, a cable and a signal conditioning
unit. The sensing probe surface is mounted in the turbine shroud, located
immediately above the rotor blades whose clearances are to be measured.
The probe head is connected via co-axial cable to the signal condition-
ing electronics fed by a DC power supply. The probe head is composed of
two co-axial cylinders made of steel and separated by an electrical insulator
of PTFE (Poly-Tetra Fluoro Ethylene). This ensures that the probe can
withstand a maximum temperature of 530 K, which is below the operative
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temperature levels encountered in the turbine test rig used for the experi-
ments. The probe has an external diameter of 10 mm and the outer screen
has a threaded surface in order to facilitate the mounting in the rotor casing
(Fig. 3.2a). The diameter of the inner sensing electrode, 5 mm, has been
selected as an optimum value that offers a small probe size and a wide mea-
surement range, typically estimated as half of the central electrode diameter,
Fig. 3.2b.
The connection between the sensor head and the conditioning unit is pro-
vided by a co-axial cable made out of copper with PTFE as insulator, covered
by an outer screen of FEP (Fluorinated Ethylene Propylene) that guaran-
tees flexibility and mechanical protection. The cable has a total length of
8 m and allows transmitting high frequency signals for long distances with
no loss in performances. The overall system shunt capacitance (probe head
+ cable) amounts to about 900 pF while the capacitance change induced by
a blade passage is less than 100 fF.
The small capacitance variations are detected by the conditioning unit, the
core component of the measurement system. The signal conditioning unit is
composed of several sub-units that serve specific functions and are strictly
interconnected as shown in Fig. 3.2c. The Clock-Generator module gener-
ates a low distorted and phase-stable sine wave at high frequency (60 MHz)
that is fed into the sensor head, with the frequency selected according to
the probe characteristics and the total cable length. The oscillator signal
is also used to synchronize all the other circuitry. In the Input Stage unit,
the probe-modulated reflected HF (high frequency) signal and the original
input from the oscillator are overlapped to generate a heterodyne signal that
carries the tip-to-sensor distance information. The raw signal is then ampli-
fied by multi-stage operational amplifiers (HF Process sub-unit), digitalized
in the Flash Analogue-Digital-Converter (12 bit resolution, 10 MHz sam-
ple rate), and sent to the Digital Control unit. At this step the amplified
digital signal undergoes further processing to compensate for all the spuri-
ous alterations of the original blade-to-sensor capacitance. This function is
carried out by a Field Programmable Gate Array (FPGA) circuit that exe-
cutes a combination of operations in both the time and frequency domains
to generate a signal that performs the compensation. The auxiliary signal
is fed back via a fast Digital-Analogue-Converter to the HF Process unit
to compensate the HF signal from the input stage. In the current set-up,
the output signal is sampled by a Data Acquisition System from a bypass
analog output located after the HF Process stage.
The feedback loop is an essential feature of the current system working
principle. It is based on the tracking of the signal ”idle” working point,
when no target faces the sensor, to calculate an auto-compensation func-
tion. Therefore, the system is able to correctly measure only time-varying
clearances, which corresponds to a minimum operating frequency of approx-
imately 160 Hz for the current application. However, this approach allows
canceling out measurement capacity errors caused by a number of spurious
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factors such as probe shunt capacitance drifts due to temperature changes or
vibrations, mechanical stress on the cabling, or crosstalk interference with
other electronics. The use of modern FPGA technology and a high frequency
clock-oscillator module extend the sensor frequency bandwidth up to 60 kHz.
The upper frequency bandwidth of the sensor is limited by the minimum
time window required by the analogue peak detector to identify either a
passing target or the ”idle” mode (no object faces the sensor). The settling
time of the measurement system can be adjusted depending on the required
sensor bandwidth and measurement accuracy. In the current application
the system settling time was set to approximately 8 µs which guarantees
the best sensor performances for accurate tip clearance measurements on
the investigated turbine article.
Figure 3.2: Proximity measurement system: a) Capacitive probe head, cable
and electronics b) picture of the sensor head c) conditioning unit scheme
3.3 Data processing
3.3.1 Conventional calibration procedure
The characteristics and performance of the proximity measurement system
were first evaluated in a simplified calibration bench that allows the run
of a full probe calibration under controlled operative conditions. This also
served to develop a robust methodology for the processing of the capacitance
probe raw signal and to optimize the system set-up for measurements in the
turbine test rig.
Preliminary calibration tests were run on a lathe driving a small cogwheel
(Fig. 3.3a). A brass wheel with twelve teeth was manufactured with an
external diameter of 70 mm and a tooth height of 10 mm. An inter-tooth
spacing of 10 mm was considered in order to test the ability of the capaci-
tance probe to correctly detect the idle position between two passing targets.
The cogwheel was mounted on a 15 mm-shaft and clamped into the chuck
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of the lathe on one side and on the tailstock on the other side. The probe
head was fitted on a support, mounted on the lathe’s cross slide to permit
its independent displacement. An absolute reference gap between the ca-
pacitance probe and the bladed wheel is determined using a thin metallic
wire of known length mounted in the proximity of the probe sliding sup-
port. The wire is moved towards the rotating blading till contact occurs,
thus datuming the sensor tip on the longest tooth. The calibration data set
was obtained traversing the measurement head at 0.10 mm intervals over
the sensor operating scale (0.2-3 mm). Tests were performed at shaft speeds
ranging between 1000 rpm and 3000 rpm to guarantee a minimum tooth
passage frequency of 200 Hz and the safe operation of the sensor. During
the calibration, the voltage output for a set of known distances between the
probe tip and the cogwheel was recorded. The capacitance sensor signal was
sampled with a 12 bit data acquisition system for 2 s at 250 kHz that corre-
sponds to a frequency resolution of 0.5 Hz. This ensures that the unsteady
signal features are well captured and a sufficient number of wheel turns is
available for statistical analysis. Fig. 3.3b shows a typical trace of the raw
voltage output, acquired during a calibration step. As a tooth sweeps under
the probe sensing area, the voltage increases proportionally to the actual
target distance. The signal does not show any abrupt discontinuity, rather
a gradual variation as the sensor-to-target area variation is non-linear [71].
The raw signal was digitally low-pass filtered before performing any further
treatment with the cut-off frequency selected to be approximately 15 times
the target passing frequency, to remove the high-frequency noise while pre-
serving unaltered the blade-by-blade signal variations. The measurement
system calibration is generated by performing a curve fit through the data
set associated to the longest wheel tooth using a least-square optimization
routine. The equation that describes the relationship between the sensor
output (∆V ) and the gap (D) between the probe tip and the target is as-
sumed to be:
D = A1 + 1
A2 +A3∆V (3.2)
where A1, A2 and A3 are the coefficients of the curve fit. The form
of eq. 3.2 was selected from others as it provided the best fit of the avail-
able calibration data sets. The physics of a capacitor suggests that as the
distance between two plates approaches zero the capacitance must tend to-
wards infinity. Likewise, a thorough analysis of the data exposed that the
voltage variation across a tooth passage was a more robust parameter than
the maximum peak-to-peak voltage to represent the sensor response. In-
deed, the voltage amplitude is a direct function of the capacitance change
induced by the actual target proximity [62]. Once a calibration test is com-
pleted, a routine was programmed to perform the required data reduction.
The software sorts through the data sets to identify the longest blade cor-
responding to the largest signal amplitude. Usually 10 to 20 data sets were
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(a) (b)
Figure 3.3: Simplified calibration set-up: a) Calibration rig set-up and b)
example of typical sensor output
used to obtain a reliable probe calibration. At this point the actual distance
of the probe head to the other tooth’s tips is unknown and therefore a con-
ventional calibration curve fit is based only on the longest tooth data points
as displayed in Fig. 3.4a.
3.3.2 Advanced calibration refinement
An advanced calibration refinement method was implemented in the data
reduction routine, which allows the voltage values of each wheel tooth to
be included into the calibration fit. This procedure is based on the research
work of Sheard et al. [72]. The entire data set of a calibration run can
be organized in a matrix [V ] that contains in each row the voltage values
associated to a single tooth, and in each column the voltage value obtained
at each traverse position. Once a preliminary calibration becomes avail-
able from the longest tooth curve fitting, a matrix of distances [C1] can
be defined. A second distance matrix [C2] can be generated that has the
same first column of [C1] and the remaining columns computed by adding
to the value of the first column the known offset distance traversed during
the calibration. The distance matrices would be ideally identical but small
differences exist due to calibration inaccuracies. An error matrix [E] is cal-
culated from the difference between [C2] and [C1]. The rows of [E] represent
the distance error over a single tooth at each probe step while the columns
account for the error in distance of the entire blading at a certain calibration
point. Each row is averaged to provide a resulting row [F1] that represents
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(a) (b)
Figure 3.4: Sensor calibration procedure: a) classical probe calibration b)
calibration refinement procedure
Figure 3.5: Calibration error reduction through the calibration refinement
procedure
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the error due to the proximity sensor readings. Likewise, each column of
the error matrix is averaged to generate a column vector which provides an
estimate of the error due to the probe traversing position. The initial matrix
[C1] is modified by subtracting from each column the vector [F1] and from
each row the vector [F2] to generate a third distance matrix [C3]. Finally,
a new set of refined calibration coefficients is calculated by performing a
second curve fit, using [V ] and the matrix of corrected clearance [C3]. As
previously done for [E], a second error matrix [H] is calculated by subtract-
ing [C3] from matrix [C4], which represents the clearances obtained via the
refined calibration coefficients.
Fig. 3.4b displays all the steps of the reduction procedure for the sensor
calibration refinement. The capacitance probe output [V ] is plotted against
the corrected distance matrices [C2] and [C3] together with the original and
refined calibration laws. It is apparent that the proposed procedure has
significantly enhanced the quality of the calibration result. The improved
methodology enables to generate the probe calibration based on the entire
data set available, thus providing a more robust estimation of the calibration
coefficients.
The calibration error distribution can be appreciated by plotting [C2]
against [E] and [C3] against [H] together with the clearance error associated
with the calibration based only on the longest tooth as depicted in Fig. 3.5.
After the last calibration refinement, the data scatter has visibly reduced
from ±25 µm (longest tooth calibration) to ±10 µm. The ±10 µm error
band can be reasonably assumed as an indication of the sensor accuracy
achievable over the calibration range.
3.3.3 Sensor self-calibration
In-situ calibration of a capacitive-based proximity sensor may become a
very challenging task in a real turbine test rig where it is often impossible to
measure the actual distance between the sensor and the longest blade. An
experimental procedure developed by Sheard [73] was implemented in this
work that allows the self-calibration of the tip clearance probe. The tech-
nique relies upon the functioning principle of capacitance-based sensors. The
physics of a capacitor dictates that the capacitance should tend to infinity
as the distance between the capacitor’s plates becomes zero, eq. 3.1. In the
case when the actual distance between the sensor head and the rotating tar-
gets is a priori not known, it is convenient to assign an arbitrary clearance
Cguess to the calibration data point which corresponds to the minimum dis-
tance between the probe and the investigated target (first calibration point).
The position of each calibration data point relative to the first one is ob-
tained by measuring the probe relative displacement during the calibration
traverse. The sensor calibration can be then estimated using the data reduc-
tion methodology described in section 3.3.2. It is assumed that the value at
which the calibration curve goes to infinity (A1, eq. 3.2) corresponds exactly
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to the opposite of the difference between the actual clearance and the first
clearance guess:
Cactual −Cguess = −A1 (3.3)
and thus, the final self-calibration law can be obtained by setting to zero
the A1 coefficient of eq. 3.2.
This technique was validated using the experimental data from the cali-
bration test bench. Fig. 3.6 displays an example of a probe self-calibration
performed using the original voltage datasets and imposing that the clear-
ance between the sensor and the longest wheel tooth is not known a pri-
ori, thus initially set to zero. Once the calibration coefficient refinement
is completed (blue solid line), the final calibration curve (red dotted line)
is directly obtained by setting the coefficient A1 to zero. The calibration
curve obtained by means of the self-calibration technique is in excellent
agreement with the original calibration curve (black solid line) based on the
known distance between the longest tooth and the sensor. The close match
between the actual calibration and the one originated by the self-calibration
technique was observed for repeated calibration experiments. This gave
confidence that the methodology could actually provide a reliable set of cal-
ibration coefficients in the case a reference clearance is not available. The
assumption that the sensor output should tend to infinity as the clearance
approaches zero was verified ensuring that the value of the A1 coefficient
was zero within the measurement uncertainty for all the experimental cal-
ibrations. This ensures that the sensor self-calibration yields the correct
calibration coefficients, and any discrepancy remains contained within the
measurement system uncertainty (±10-25 µm, see section 3.5) as shown in
the zoom snapshot in Fig. 3.6. In general, this methodology might be em-
ployed for the calibration of sensors which working principle mimics the
capacitor’s one.
3.3.4 Measurement data reduction
Once the calibration law is available, the capacitance probe output raw
voltage is converted into the running tip gap by identifying the voltage
amplitude peaks and applying the calibration coefficients (eq. 3.2). The
time-varying tip gap signal is further treated in order to assign to each
single voltage peak the corresponding blade number.
In the current work, a data processing technique was implemented to
automatically track the rotor blade index. The technique is based on the
recognition of the correct blade index by comparing the rotor radius sig-
nature measured in rotation with a known distribution of the rotor blade
radius. The blade radius signature can be obtained by static measurements
of the blade radii carried out with a dial gauge. The correct indexation of
the blade passage events in a tip gap measurement is found as the indexation
that minimizes the difference between the reference blade height distribution
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Figure 3.6: Self-calibration of the capacitance-based proximity sensor
and the one measured in rotation. A one-revolution trigger pulse, generated
by a tachometer, can be used to verify that the rotor blade height signature
measured in static condition remain the same in rotation. If this condition
is not matched, the tachometer reading can still provide the rotor signature
to be used as a reference at a particular rotor speed. The capacitance probe
output is also utilized to extract the rotational speed and the acceleration
of the rotor disk based on the blade passing signal.
3.4 Probe performance
The system performances can be described by considering the results of the
capacitance sensor calibration in the small spinning rig. Calibration tests
were run to verify the performance of the measurement system at increased
working temperatures.
The probe head and the bladed disk were directly exposed to a hot air jet
blown by a heat gun during the calibration. Thermocouples were used to
monitor both the air and probe head temperatures. Calibrations were per-
formed at two air temperatures, 500 K and 600 K, with the probe head tem-
perature reaching the same level of approximately 360 K in both cases. The
resulting calibrations superimposed with calibrations performed at room
temperature. Fig. 3.7a indicates that the selected system is insensitive to
temperature variations of 300 K. The sensor electronics is actually able to
compensate for capacitance drifts due to variations with temperature of the
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electrical properties of the probe head components. Results also suggested
that changes in the probe-to-target capacitance due to variation of the air
dielectric characteristics with temperature are negligible over the tested tem-
perature range.
Fig. 3.7b shows calibration curves for tests performed at two different disk
speeds. Comparison of calibrations run at 1000 rpm and 2500 rpm reveals
that the sensor response remains unaltered when the system is operated at
low rotor speed that corresponds to target passing frequency (200 Hz), close
to the lower bandwidth limit of the probe. Calibrations performed by the
manufacturer ensured that the measurement system output is independent
of the target passing speed for frequencies below 60 kHz. Repeatability on
the calibration law coefficients was judged excellent.
The amount of voltage change with clearance size provides the probe sen-
sitivity. At a working clearance of 0.5 mm, the signal voltage amplitude
is approximately 0.8 V and probe sensitivity is typically 1.5V/1mm. At
extended range, the capacitance sensor signal approaches the system noise
floor, estimated to be around 10 mV. Thus, the signal-to-noise ratio is nor-
mally 80. The 5 mm diameter capacitance probe is able to operate over
a range of 2.5 mm. As the distance between the sensor tip and the rotor
increases, the probe sensitivity degrades. As such, a voltage pulse induced
by a passing target becomes more and more difficult to distinguish from a
random noise peak. At clearances below 0.2 mm, the amplifiers in the signal
conditioning unit saturate.
(a) (b)
Figure 3.7: Capacitance probe calibrations performed at different working
conditions: a) effect of environmental temperature b) effect of rotational
speed
42 Chapter 3. Development of accurate rotor tip clearance measurements
3.5 Uncertainty analysis
The accuracy of the clearance measurement sensor is limited by a number
of errors that arose during probe calibration, system installation and data
reduction.
The error generated in the calibration process can be thought of as the
uncertainty of the standard used to datum the probe relative to a known
reference distance. This uncertainty is estimated as half of the reading
resolution of the instrument used to monitor the probe displacement. For
measurements carried out in the calibration test bench, the proximity probe
traversing is recorded by a dial gauge with a typical resolution of 10 µm.
Thus, the reading error amounts to ±5 µm (20:1). In the turbine test rig,
the sensor displacement is measured by a precision micrometer screw with a
resolution of ±20 µm, thus a reading error of ±10 µm (20:1). Uncertainties
due to the deviation between the real blade and disk geometry and the
calibration rig are not accounted for in this analysis since the proximity
probe was calibrated in-situ.
During the operation of the system, uncertainties are introduced by changes
in the gas dielectric properties that affect the sensed capacitance as described
by eq. 3.1. Errors of the order of 0.5% of the full scale can be engendered by
variations in the air humidity [74]. Likewise, large air temperature and pres-
sure changes result in slight variations of the measured capacitance, usually
less than 0.1% in standard turbine applications [63].
In the turbine rig operation, installation uncertainties are generated in
the measurement of the sensor head setback inside the rotor shroud. The
knowledge of the probe position inside the casing is used to retrieve the
actual distance between the blade tip and the rotor endwall from the capac-
itance probe measurements. The probe setback is measured prior to each
test with a precision of ±5 µm (20:1).
System noise and signal treatment routines introduce a random error in
the identification of the peak-to-peak voltage amplitude from the measure-
ment readings. The uncertainty on the data reduction process can be sta-
tistically determined from repeated measurements performed at fixed op-
erating conditions during the system calibration. For a large number of
samples, the random error associated to the blade-induced voltage change is
estimated by the standard deviation of the voltage amplitude values logged
for a single blade. The levels of the voltage data scatter are observed to
remain nearly constant over the probe working range, σv = ±5 mV. The
propagation of the data-reduction error trough to the final result, according
to eq. 3.2, yields an uncertainty of ±18 µm (20:1) on the tip gap measurement
at 1 mm probe working distance. Lastly, during the data reduction process,
the conversion of the measured voltage amplitude into clearance generates
an error, estimated by means of the precision interval associated to the cali-
bration curve fit. Thanks to the use of the calibration refinement technique,
the calibration uncertainty is reduced to approximately ±10 µm (20:1).
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An RSS (Root of Sum of Squares) method is applied to combine all the
error contributions [75], and Table 3.1 provides a summary of the bias and
random uncertainties of the measurement system. The total systematic
uncertainty amounts to ±12 µm (20:1) and the major contribution comes
from the calibration standard used to datum the probe position. The largest
influence on the random uncertainty is ascribed to the noise/data-reduction
error that can easily dominate the overall uncertainty.
Fig. 3.8 displays the overall system error as a function of the probe range.
As the operating gap increases, the probe sensitivity reduces, and thus the
random error becomes increasingly significant. However, because of system-
atic errors, reducing the probe operational distance below 0.5 mm does not
yield a significant reduction of the total uncertainty. The uncertainty anal-
ysis suggests that an optimum working range for the proximity sensor exists
that allows maximizing the measurement accuracy and the probe sensitivity
by keeping acceptable safety margins.
Error source Type Uncertainty [µm] (20:1)
Calibration standard Bias ± 10.0
Calibration curve fit Random ± 10.0
Probe head installation Bias ± 5.0
System Noise / Data reduction Random ± 18.0
Digitalization error Bias ± 0.05
Gas effect - air humidity Bias ± 5.0
Gas effect - air Temperature & Pressure Bias ± 0.5
Random error ± 20.0
Bias error ± 12.0
Total system uncertainty⋆ ± 25.0
⋆For a nominal working clearance of 1 mm
Table 3.1: Proximity measurement system uncertainty analysis
3.6 Turbine measurements
3.6.1 Sensor installation and in-situ calibration
The proximity measurement system was installed on the casing of the com-
pression tube turbine facility to provide detailed measurements of the rotor
tip clearance.
The airfoils height is 54 mm at the corresponding measurement location
and the inter-blade spacing is 38.8 mm at the blade tip. The airfoil thickness
varies along the chord and in correspondence of the proximity probe location
is 6.7 mm. For aerodynamic testing purposes, the turbine was investigated
at two design speeds of 4500 rpm and 6790 rpm. For high speed testing
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Figure 3.8: Capacitance-based proximity measurement system total error
as a function of the sensor range
this corresponds to a blade passing frequency of approximately 7400 Hz.
In order to properly detect the passage of a single blade and resolve the
running tip clearance fluctuations, the sensor signal was sampled with a
16 bit acquisition card at 1 MHz, i.e., a minimum of 135 samples per blade
passage event.
Fig. 3.9 displays an example of the rotor speed and acceleration history
over 3.5 s after the blow-down start and the typical variation of the mean
rotor tip clearance during a turbine test. In a typical test cycle, the test
section is initially under vacuum. The turbine rotor is spun up to nearly
its design speed by an auxiliary power turbine. As a consequence of the
work exchange with high enthalpy flow, the rotor accelerates during the test
blow-down reaching a maximum speed of 7500 rpm (highest design speed
testing). The rotor blades strains under the effect of the centrifugal loads
and at the maximum rotor speed the rotor tip clearance is nearly zero. Once
all the mass-flow from the upstream piston has been discharged, air brakes
are activated that slow down the rotor disk.
The experimental set-up and the tip clearance system installation in the
turbine test section were designed to enable the calibration of the capac-
itance probe in-situ. This entails the advantage of calibrating the sensor
against the actual blading geometry and minimizes the system installation
uncertainties. The tip clearance measurement installation on the turbine
stage was performed by fitting the probe head into an extension support,
Fig. 3.10a. The probe-support assembly is guided trough the turbine casing
to the rotor shroud. The sensor external surface is equipped with a screw
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Figure 3.9: Typical rotor speed, acceleration and rotor tip clearance levels
during a blow-down test
that allows the correct positioning and displacement of the probe head in-
side the turbine casing. The capacitance probe can be mounted on three
different slots located in the casing at equally spaced circumferential posi-
tions, Fig. 3.10b. The exact position of the probe head was measured by a
precision micrometer that, mounted on the outer casing surface, measures
the radial displacement of the external extension support that carries the
sensor (Fig. 3.10a).
The in-situ calibration was performed thanks to wear gauges fitted in the
rotor shroud in proximity of the sensor head. The wear gauge consists of a
thin metallic wire attached to a small support that can be fit inside the rotor
casing ring (Fig.3.11). Two wear gauges were installed in the close proximity
of each of the three circumferential positions where the capacitance probe
sensor can be mounted. One wear gauge was positioned at the same axial
probe location (75% Cax,r) and the second one was located at 25% Cax,r,
Fig. 3.10b. As the rotor speed increases, the wear tip is gradually machined
by rubbing with the longest blade.
The calibration was performed by rotating the rotor disk at increasing
speeds that result in increasing wearing of the reference gauges. At the
end of each run-up, the actual distance between the wear gauge tip and the
sensor head was measured, thus providing a zero reference to datum the ca-
pacitance probe position. The rotor shroud endwall was covered with a thin
layer of abradable liner. This allows performing a planned blade-abradable
erosion procedure at the beginning of the experimental campaign once the
clearance system calibration is completed. When the rotor disk spins up
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(a) (b)
Figure 3.10: Installation of the proximity measurement system on the tur-
bine rig: a) design of the capacitance sensor and wear gauge arrangement on
the rotor shroud for in-situ calibration b) circumferential and axial locations
of the capacitance probe and the wear gauges
to its maximum speed, the blade tips rub the abradable liner resulting in a
defined running clearance, Fig.3.11. To avoid damage to the probe in the
event of a tip rub, the sensor head was positioned recessed 0.7 mm within
the casing during the experimental test campaign for the investigation of
the aerothermodynamics of the multi-splitter low pressure vane (see chap-
ter 5). The capacitance tip clearance sensor head was replaced at the end of
the test campaign due to a failure. In a second test campaign dedicated to
the experimental characterization of the rotor casing aerothermodynamics
(see chapter 4), the second capacitance sensor was calibrated by means of
the self-calibration technique since there was no possibility to restore the
abradable liner and utilize the wear gauges as a clearance reference.
In order to perform the self-calibration of the capacitive sensor in the
turbine wind tunnel, the probe head is initially set flushed with the casing
endwall. Then a run-up test is started and the the rotor is spun up to a
rotational speed close to design speed (6000 rpm). Once the rotor speed is
stabilized, the probe is traversed radially at increasing distances from the
rotor blade tip at steps of 0.05-0.1 mm. The probe displacements are accu-
rately monitored thanks to the micrometric screw mounted on the external
turbine casing. Ten to fifteen calibration points were used to perform the
calibration curve fitting. Additional calibrations tests run at different rota-
tional speeds confirmed that the sensor calibration is not dependent on the
blade passing frequency.
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The coefficients that defines the calibration curves used for the data re-
duction of the tip clearance measurements obtained during the experimen-
tal campaigns are reported in Table 3.2. The difference between the two
calibration laws was due to the probe head replacement and to different
configuration of the sensor control unit set by the manufacturer.
Figure 3.11: View of the capacitance probe installation in the rotor casing
at the end of the in-situ calibration procedure. The wear gauges are worn
out and flushed with the abradable liner.
A1 A2 A3 R2
Probe 01 (wear gauges) 0.0009 0.2274 1.4572 0.99987
Probe 02 (self-calibration) 0.0000 0.1466 2.1392 0.99994
Table 3.2: Coefficients of the capacitance sensor turbine in-situ calibrations
3.6.2 Mean rotor tip clearance
The experimental program served to verify the performance of the proximity
measurement system in a engine-representative environment and to provide
a detailed investigation of the tip clearance levels that characterize the op-
eration of a short duration wind tunnel. Furthermore, the gathered data is
fundamental to correlate with turbine efficiency and unsteadiness levels.
For the duration of the test campaigns, the rotor tip clearance was mon-
itored during the turbine rig operation at increasing rotational speeds and
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during the blow-down test phase. The raw output voltage amplitude was
reduced to a data set of tip clearances associated to the corresponding blade
passage event. The time-varying tip clearance signal was also utilized to
estimate the rotor speed and acceleration. The single clearance data was
averaged over one rotor revolution to provide a mean value representative
of the 64-blade rotor tip clearance variation during a turbine test run.
Fig. 3.12 depicts the typical variation of the rotor tip clearance, normalized
by the blade height, measured during the turbine test rig operation as a
function of the rotor speed. The blade radius grows with the rotational
speed as the centrifugal loads increase following a parabolic law. The tip
clearance was observed to vary approximately 0.6% of blade span (0.32 mm)
as the rotor accelerates from rest to the design speed of 6790 rpm. Analysis
of the experimental data confirmed that the capacitive sensor output is
virtually not affected by the blow-down of a hot air flow occurring during
the test phase (Fig. 3.12).
A finite element stress calculation of the rotor disk has been used to esti-
mate the rotor blade deformation under centrifugal load and the predicted
tip clearance is also plotted in Fig. 3.12 as a function of the rotational speed.
Discrepancies exist between the computed tip clearance and the experimen-
tal data. The numerical predictions overestimate the blade radius growth
rate and a difference of 0.1% of blade span with the experimental value was
observed at 6790 rpm. Tip clearance measurements are of crucial impor-
tance to obtain high accuracy correlations between the flow measurement
data and the true tip gap value as this is one of the main objectives of
the experimental investigation into the rotor casing aero-thermodynamics
(chapter 4).
As the rotor disk speed constantly increases during a test, it is convenient
to select as a reference, hereby referred to revolution ”0”, the rotor revolu-
tion in which the turbine speed reaches the target design value, 4500 rpm or
6790 rpm. Fig. 3.13 shows typical trends of the average blade tip clearance
for the two operative speeds. As the turbine speed increases, the tip clear-
ance reduces due to larger centrifugal loads and consequent growth of the
rotor blades and disk. A constant clearance shift of approximately 0.2 mm
was observed between high and low speed regimes, while the variation dur-
ing a test run was similar for the two speed levels, around 0.045-0.050 mm
for a rotational speed change of about 400 rpm.
In order to investigate the test-to-test repeatability, the mean tip clearance
traces during the blow-down test were further averaged on a window of
8 rotor revolutions around the revolution zero, Fig. 3.14. The data exhibited
a scatter of 0.1 mm over a large number of tests, for both low and high rotor
speed regimes. This test-to-test variation was more than twice the estimated
uncertainty in tip gap measurements at a working distance of 1.0-1.2 mm.
A further examination of the test running conditions revealed that part
of the data scatter was due to the warming up of the wind tunnel when
repeated tests were performed in a single day. In fact, the short duration
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Figure 3.12: Experimental and predicted tip clearance envelope during a
facility run
Figure 3.13: Mean rotor tip clearance: typical tip clearance variation dur-
ing a wind tunnel test
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facility allows running up to 6-7 tests a day. At every test, a hot gas blow-
down releases a considerable amount of heat towards the colder test section
surfaces being the turbine entry gas temperature around 480 K. The test
section increasingly warms up during the day, thus causing a thermal growth
of both the turbine casing and the rotor disk.
Figure 3.14: Mean rotor tip clearance: test-to-test repeatability
Fig. 3.15 shows again the test-to-test tip clearance variations at high-speed
testing, but data are grouped according to the time a test was run during a
day. The fifth, sixth and seventh test of the day were grouped together due
to their small number. After ranking the tests, the results clearly displayed
a significant reduction of the data scatter. The turbine tip clearance mea-
surements showed a test-to-test repeatability variation of 45 µm, consistent
with the capacitance probe error of ±25 µm (20:1) predicted by the uncer-
tainty analysis. On a daily basis, the mean tip clearance level was shown
to vary by as much as 50 µm because of the wind tunnel thermal transient.
Table 3.3 summarizes the repeatability results for both rotor speed condi-
tions. The tip clearance exhibits a reduction as the wind tunnel heats up
during the day. This phenomenon is due to the different thermal dilatation
of the rotor and the turbine casing. The thermal expansion for a metal is
function of three variables, the initial length, the coefficient of thermal ex-
pansion and the temperature change. In the present case, the casing has a
larger diameter than the rotor as well as a slightly higher thermal coefficient.
Therefore, the rotor tip gap reduces because the rotor assembly (blades +
disk) temperature increases more than the turbine shroud temperature as
tests are performed in a day. This hypothesis is consistent with the fact the
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rotor surface, directly exposed to the incoming hot flow, absorbs more heat
than the shroud and the heat produced by the bearings is preferably con-
veyed from the shaft to the rotor disk. The thick turbine casing has a much
larger thermal capacity than the rotor disk which dumps the temperature
increase due to the hot gas flow. On the other hand, the rotor assembly
is thermally insulated from the rest of the facility and the heat absorbed
during the blow-down can only be dissipated in between two consecutive
tests through natural convection.
Figure 3.15: Corrected tip clearance test-to-test repeatability, high-speed
tests
The experimental average rotor tip clearance as a function of the cir-
cumferential probe position is reported in Table 3.4 for tests performed at
6790 rpm. The measurements indicated the presence of a static rotor ec-
centricity as there is an unequal tip clearance distribution around the rotor
annulus. The largest maximum tip gap variation was found between posi-
tion 02 and position 03 and amounted to 0.06 mm. The cause for the static
rotor eccentricity can be ascribed to the stator bore ovality and incorrect
positioning of the rotor during the installation phase.
3.6.3 Blade-to-blade rotor tip clearance
The capacitance sensor was used to measure the individual tip-to-casing
gap over the 64 blades of the turbine stage. Every blade passing event
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Test number in a day 1st 2nd 3rd 4th 5-7th
High Speed 6790 rpm
Mean TC [mm] 0.234 0.216 0.207 0.195 0.184
Test count 30 25 16 9 7
Repeatability [µm] (20:1) ± 28 ± 28 ± 29 ± 23 ± 13
Low Speed 4500 rpm
Mean TC [mm] 0.456 0.449 0.422 0.416 0.411
Test count 4 8 11 4 6
Repeatability [µm] (20:1) ± 43 ± 36 ± 28 ± 47 ± 52
Table 3.3: Mean tip clearance statistics
Pos01 Pos02 Pos03
Mean tip clearance [mm] 0.173 0.220 0.156
Table 3.4: Mean tip clearance at the three circumferential probe locations
was assigned to the corresponding blade index by means of the automatic
blade-tracking technique previously described. The tip clearance of each
blade was averaged over 8 rotor revolutions around the design rotor speed in
order to yield a unique value for each test. The test-to-test repeatability was
taken into account in the averaging process. Tests were ranked following the
procedure described in the previous section to isolate the daily tip gap drift
due to the thermal growth of the rotor assembly. Fig. 3.16 illustrates the
average tip gap distribution over the 64-blade rotor measured at 6790 rpm.
During a typical testing day, the thermal transient of the turbine rig causes a
tip gap reduction of approximately 50 µm which equally affects every rotor
blade. The rotor exposed a maximum blade-to-blade clearance variation
of approximately 0.30 mm, i.e., 0.6% of the blade height. On the other
hand, except for a few blades, the tip gap variation over the 64-blade rotor
was within 0.1 mm. The blade-by-blade tip clearance envelopes measured
in rotation at the high and low speed regimes are plotted together with
the static blade height deviation measured using a dial gauge against the
blade number, Fig. 3.17, as offset with respect to the longest blade. The
dynamic and static data sets showed a high degree of overlap, the largest
deviation being within the ±25 µm error of the probe, giving confidence
on the accuracy of the capacitance sensor to measure running single-blade
tip clearance. The observed match between the static and dynamic rotor
signatures also indicates that the working positions of the rotor blades, pin-
fixed to the rotor disk, remain unaffected by the high centrifugal load.
The ±25µm sinusoidal variation in tip clearance around one rotor revo-
lution seen in Fig. 3.16 is thought to be engendered by the rotor geometry
and not by the rotor assembly dynamic eccentricity. In fact, the same blade
height distribution was found in the static measurements performed by a
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dial gauge as shown in Fig. 3.17. Therefore, it was concluded that the
dynamic rotor eccentricity was negligible and the rotor center of rotation
was properly set. Based on the smallest blade height variation detected by
both the capacitance system and the dial gauge, the measurement system
resolution can be estimated to be approximately 10 µm.
Figure 3.16: Blade-to-blade tip clearance at high speed testing, daily vari-
ation
The high bandwidth of the probe enables to correctly detect small tip
clearance fluctuations in the range of tenths of kilohertz. Therefore, the
unsteady sensor signal can provide information of the rotordynamic effects.
The Fourier spectrum of the raw capacitance measurements was used to
determine the relative size of fundamental and harmonic frequencies and to
highlight phenomena that are not rotor periodic. The frequency analysis is
presented for a typical test run at high speed condition in Fig. 3.18. The
plot shows the power spectrum density of the raw output voltage for varying
frequencies up to 100 kHz. The rotor fundamental frequency clearly shows
the largest amplitude as the blade tip passage represents the main event
that triggers the probe response. With regards to harmonics, the contri-
bution of the rotor blade passing is relatively small and becomes negligible
at frequencies higher than the second harmonic. The frequency spectrum
in Fig. 3.18 shows that the contribution of frequencies other than the blade
passing is almost negligible. The rotor shaft frequency at 110 Hz is hardly
detectable, around two orders of magnitude smaller than the rotor funda-
mental and of comparable size with the system noise peak level at 150 Hz.
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Figure 3.17: Offset of the rotor blades from the longest blade for static
(dial gauge) and running (capacitance probe) measurements
This observation suggests that vibrations of the turbine rotor were kept to
a minimum, in agreement with the fact that the rotor disk was accurately
balanced before starting the experimental campaign. The frequency spec-
trum analysis also confirmed the hypothesis that the sinusoidal variation
observed in the data sets of Fig. 3.16 was caused by the static geometrical
shape of the rotor assembly.
3.7 Conclusions
The main purpose of the research work presented in this chapter was to
experimentally determine the tip clearance variations that characterize a
typical test run in a short duration turbine facility. A capacitance-based
proximity measurement sensor was successfully used to detect tip clearance
over individual blades around a rotor.
The measurement system components was described and its performances
accurately evaluated by means of repeated calibrations in a simplified test
rig. An advanced procedure to calibrate the capacitance probe was imple-
mented that allows producing a set of refined calibration coefficients based
on the data sets available from all the blades. Additionally, a methodology
that allows the self-calibration of the capacitance probe was introduced de-
scribed, tested and validated. The technique exploits the physical working
principle of a capacitor and enables calibration to be performed without the
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Figure 3.18: Power spectrum density of the sensor raw voltage at high speed
testing
knowledge of an absolute clearance reference.
Calibrations at different working conditions proved that the system elec-
tronics fully compensate for temperature drifts of the gas temperature and
of the probe head. A methodology to assess the measurement system uncer-
tainty was proposed and the bias and random error sources were identified
and quantified. The analysis predicted that running gaps can be measured
within ±25 µm (20:1) at a working distance of 1 mm. Experience on a real
running turbomachine gave confidence that this uncertainty was actually
achieved in practice.
The tip clearance sensor was mounted on the shroud of the high pres-
sure turbine stage and calibrated in-situ using wear gauges fitted into the
casing endwall. Blade tip clearance measurements were carried out in the
von Karman Institute short duration turbine test rig where the rotor speed
constantly increases during a test. Results showed that the tip clearance
decreases approximately 0.05 mm from the blow-down start till the moment
the rotor reaches the design speed. The tip gap was observed to vary 0.2 mm
for tests run at 4500 rpm and 6790 rpm, with typical mean levels of about
0.45 mm and 0.20 mm respectively. The mean tip clearance was found to
vary as much as 0.06 mm along the circumferential direction because of static
rotor eccentricity. Test-to-test repeatability revealed that the tip clearance
level is sensitive to the thermal conditions of the wind tunnel as the test
section warms up when hot gas blow-downs are repeated in a day. Because
of this phenomenon the tip clearance was found to reduce up to 0.05 mm as
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the rotor assembly becomes hotter than the casing.
The blade-by-blade tip clearance measurements showed a maximum vari-
ation of 0.30 mm over the 64 rotor blades. Measurements showed that the
turbine rotor maintains the same blade radius signature over one rotor rev-
olution in the investigated speed range. Comparison of the blade heights
measured in static condition and in rotation allowed to estimate the probe
resolution to be 10 µm. Based on the frequency spectrum content of the
raw sensor output, the vibration levels acting on the rotor disk were found
to have negligible effect on the time-varying tip clearance.
Overall, the experimental investigation pointed out that tip clearance sig-
nificantly change during the operation of a short duration wind tunnel and
accurate measurements are required to support and validate aero-thermal
experiments in such turbine test rigs.
Chapter 4
Aero-thermal flow field in the overtip
casing of a transonic rotor
4.1 Introduction
The management of aerodynamic performance and thermal loads on the
rotor blade tip and rotor casing remain an extraordinary challenge. Rotor
tip and overtip casing of an unshrouded transonic turbine are susceptible
to considerable unsteady temperatures. The understanding of the complex
flow phenomena and heat transfer occurring at the blade tip gap is there-
fore crucial to develop new turbine designs with enhanced blade lifetime
[76]. The assessment of the heat loads at different engine operative condi-
tions becomes of utmost importance to run reliable thermal analysis that
ameliorate endwall cooling strategies [77] and support design solutions for
improved turbine shroud durability [78].
Noteworthy investigations have been devoted to analyze the unsteady
flows on the rotor tip and shroud at the behest of the reliability and perfor-
mance betterment. A substantial number of publications report studies in
low speed environments or subsonic cascades [79]. Alas, low speed testing
is not adequate to simulate the true high-speed flow structures inside the
tip gap at engine representative Mach number [80]. The existence of shock
patterns due to the overexpansion inside the tip gap have been revealed
through water table experiments [81], and numerical investigations of low
and high speed tip flows for a high pressure turbine [82, 83]. Heat transfer
measurements on rotor blade tips have been performed mainly in high speed
linear cascades, as an alternative to the onerous rotating rig. Regarding the
fundamental flow topology, Newton et al. [84] observed the highest levels of
heat transfer near the pressure side at the bubble reattachment. The com-
bined experimental and numerical work done by Zhang et al. [85] revealed
the presence of oblique shock waves, initiated near the pressure-side and re-
flected multiple times between the casing and the blade. In order to mimic
the real engine conditions, experiments need to be performed in rotating test
rigs at engine representative Mach and Reynolds numbers. Krishnababu et
al. [86], and Zhang et al. [87], demonstrated with CFD significant differ-
ences in local heat transfer with a stationary or moving casing. One of the
first studies on a fully scaled rotating transonic turbine stage was presented
by Guenette et al. [88]. The authors assessed the effects of the blade pass-
58 Chapter 4. Aero-thermal flow field in the overtip casing of a transonic rotor
ing and of the Reynolds number on the casing heat transfer. Metzger et
al. [89] measured local tip and shroud heat fluxes at engine representative
conditions. Didier et al. [90] performed measurements of the heat transfer
on the rotor blade, hub and tip surfaces at the von Karman Institute in the
transonic turbine stage investigated in this research work.
The recovery temperature is proven to be fundamental in determining
the work processes occurring at the blade tip gap [91, 92]. Thorpe et al.
[93, 94] presented both time-averaged and time-resolved values for the adi-
abatic wall temperature and heat transfer coefficient on the casing endwall,
showing a decrease in temperature as work is extracted through the rotor
passage. Moreover, their results reveal that the absolute stagnation temper-
ature within the tip gap flow can rise above the turbine inlet total temper-
ature due to the work processes performed by the blade tip. The rotor tip
leakage flow can be held responsible for more than 50% of the total heat load
on the casing. Recent studies performed by Wheeler [82] and Krishnababu
[95] indicate a significant influence of the size of the tip clearance gap on
the thermal and aerodynamic performances.
In the present research simultaneous measurements of the steady and un-
steady adiabatic wall temperature, true Nusselt number, static pressure and
instantaneous local tip clearance at the casing of a transonic turbine are pre-
sented. The study focuses on the understanding of the aero-thermal overtip
flow and investigates the existence of correlations between the thermal and
aerodynamic flow field with the rotor gap size. The experimental data were
used to validate a model that predicts the flow temperature fluctuations
generated by the overtip work processes. Hence, the effect of the tip leak-
age flow aerodynamics on the casing unsteady thermal load was evaluated.




Simultaneous measurements of heat transfer, static pressure and blade tip
clearance were carried out on the shroud of the large high-speed turbine
stage. Such turbine stage experiments are of paramount importance to re-
produce the overtip flow problem at fully scaled engine conditions. The
experimental testing incorporated the effects of the turbine parameters such
as the radial pressure gradients, the centrifugal forces, the flow speed, the
Reynolds number, and the relative casing motion that characterize the ac-
tual tip flow physics. More importantly, the flow temperature fluctuations
induced by the work processes at the rotor blade tip were correctly simulated
[92].
The main novelty of the proposed study is to investigate the effect of the
rotor tip gap size on the unsteady casing heat transfer. An important goal
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of the experimental programme was to identify the individual effects of the
flow-field and the gas temperature on the heat transfer generation by mea-
suring the local adiabatic temperature and the adiabatic Nusselt number. A
technique was adopted in this work that allows determining the flow driver
temperature through repeat experiments at different casing wall tempera-
tures. This procedure and the development of the suited instrumentation
are described in the following sections.
The turbine was tested at a single flow regime selected to be represen-
tative of the in-flight conditions of a modern aero-engine. The stage was
run at nominal pressure ratio and nominal rotor speed as described in sec-
tion 2.3.2 where the main turbine flow parameters are reported. The tur-
bine stage was tested uncooled in order to minimize the complexity of the
flow and heat transfer data analysis. Accurate measurements of the sin-
gle blade rotor tip clearance during the turbine run were available thanks to
the capacitive-based proximity measurement system installed on the turbine
shroud. Extensive data were gathered to characterize the tip clearance vari-
ations during the wind tunnel operation. At the design speed of 6790 rpm
the circumferentially averaged tip clearance was about 0.2 mm, i.e., ∼ 0.4%
of blade span, representative of modern unshrouded large civil engines [96].
As the rotor achieves the maximum speed at the end of a test, the tip gap
reduces to about 0.1 mm. The release of a hot gas through the test section
warms up the rotor assembly. Because the tip clearance was observed to
decrease on average 0.05 mm after six consecutive tests, a sufficient time
was left between two runs to minimize the test-to-test tip gap variations in
the present measurement campaign. One of the goals of this research relied
upon the fact that the rotor geometry had a relatively large blade-by-blade
running tip clearance variation and thus allowed the direct investigation of
the effects of the tip gap parameter on the overtip aerothermodynamics.
The rotor row is composed of 64 twisted blades which blade tip section is
flat (Fig. 2.7) and the blade root is pin-fixed to the rotor disk. Fig. 4.1
shows the relative blade height variations against the blade number, namely
the offset with respect to the longest blade measured in static and running
conditions. The rotor geometry exhibits blade-to-blade tip gap variations as
large as 0.3 mm. Such blade-to-blade variability allows testing the effect of
tip clearance in a range comprised between 0.3% and 0.9% of the blade span
in a single experiment. The tip clearance measurement system were used in
all tests to record the actual single blade tip gap. Further information on
the turbine test conditions and the rotor geometry are reported in Table 4.1.
Tip clearance measurements were retained of crucial importance for this
research in order to correlate with high accuracy the aero-thermodynamics
data with the true tip gap value. As a matter of fact, the observed discrep-
ancies between the experimental data and the numerical prediction of the
tip gap evolution in the turbine rig, the tip clearance variation caused by the
facility thermal transient, and the need to evaluate the rotor tip gap signa-
ture in rotation (the blade root is pin-attached therefore it adopts the true
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Figure 4.1: Blade-to-blade radius signature in static and running conditions
working position only when centrifugally loaded) would have prevented any
conclusion on the correlation between the casing heat transfer and the rotor
gap magnitude if accurate tip clearance measurements were not available.
Turbine operating condition Nom P/p - Nom speed
Cooling massflow [% main flow] 0.0
Design rotational speed [rpm] 6790
Blade tip peripheral speed [m/s] 280
Mean blade height [mm] 54
Blade thickness at measurement axial location [mm] 6.7
Mean tip clearance (at rest) [mm] ∼ 0.5 (1%H)
Mean tip clearance (at design speed) [mm] ∼ 0.2 (0.4%H)
HPV exit Reynolds number⋆ (tip) [-] 1.35×106
HPV exit Mach number (tip) [-] 0.97
HPV exit flow angle (tip) [deg] 72
Rotor relative inlet flow angle (tip) [deg] 39
Rotor relative exit flow angle (tip) [deg] -56
∆H/T01 [Jkg-1K-1] 258
⋆Based on chord and outlet velocity
Table 4.1: Test conditions for the casing overtip flow investigation
4.2.2 Rotor casing instrumentation
The investigation combined different measurement techniques such as high-
frequency response surface temperature gauges, micro-thermocouples, fast-
response pressure sensors, and high-frequency bandwidth blade tip clear-
ance. Access to the overtip casing flow was provided by the three cylindrical
slots (10 mm diameter) around the turbine annulus originally designed for
the fitting of the tip clearance probe. Fig. 4.2a displays the three circum-
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ferential positions monitored during the experiments. The three slots are
positioned at the same axial distance. The center line is at 75% of the ro-
tor axial chord as depicted by Fig. 4.2b. Two novel probes were developed
to measure the heat transfer and the static pressure. An extension sup-
port holds the probe head where the sensors and the cabling are contained.
The probe-support assembly is guided through the turbine casing to the
rotor tip, as illustrated in Fig. 4.2c. The probe head external surface was
equipped with a thread that permits the precise adjustment of the sensors’
radial position.
Figure 4.2: Installation of the casing instrumentation in the turbine rig: a)
circumferential locations of the instrumented probe b) axial location of the
probe c) meridional view of the turbine test section
62 Chapter 4. Aero-thermal flow field in the overtip casing of a transonic rotor
4.2.2.1 Heat transfer probe
The rotor casing temperature were measured with high frequency band-
width using platinum single layer thin-film gauges. The gauges consist of
a thin platinum temperature resistors fired onto a ceramic substrate [97].
MACOR has been selected as the ceramic substrate due to the low thermal
conductivity (enhancing surface temperature variations), electrical insula-
tion, and easy machining. The ceramic support is shaped to be fit and held
by a metallic probe head. Fig. 4.3 displays the substrate’s geometry and the
final probe assembly. Two thin-film sensors are set onto the ceramic sub-
strate as shown in the right side of Fig. 4.3. The small size of the thin film
gauges (1.6 mm × 0.3 mm × 0.1 µm) guarantees a large frequency bandwidth
in excess of 50 kHz and high spatial and temporal resolution, required for
measurements of heat flux fluctuations occurring at the rotor blade passing
frequency (>7 kHz).
The understanding of the physical processes that control the heat flux
generation in the endwall area requires the evaluation of the local flow tem-
perature and convective heat transfer coefficient. The knowledge of these
two parameters permits to decouple the aerodynamic from the thermal ef-
fects. A methodology, recently proposed in [93], was applied to experimen-
tally determine the adiabatic wall temperature from a linear fit of the heat
flux rates measured at different wall temperatures. A miniaturized heating
system embedded inside the casing probe support was designed to allow
varying the ceramic substrate temperature and thus, the wall temperature.
A cylindrical cartridge heater (Firerod Watlow) with a diameter of 3.1 mm
and a length of 30 mm was fitted inside a copper case, Fig. 4.3. The cop-
per case, equipped with a pin at one of its extremities, is inserted inside a
cavity dug in the ceramic substrate. The heat released by the cartridge is
absorbed by the copper socket and conveyed to the MACOR block via the
copper pin. The level of heating can be changed by varying the electrical
power supplied to the heater and thus the wall temperature can be adjusted
to different values. A power of 5 W was enough to establish a wall temper-
ature of 340 K. The thickness of the ceramic insert resulted from a trade-off
between the required thickness to ensure the semi-infinite assumption in 1D
heat transfer calculations, and the maximum wall temperature achievable
within a safe operation of the gauges’ wiring inside the probe.
The MACOR block was also instrumented with four embedded thermo-
couples located at 1.5 mm and 3 mm far from the thin film sensor surface
as shown in Fig. 4.3. The thermocouples provided useful information on
the thermal field and the temperature gradients generated in the ceramic
block. This also provided an effective tool to correct measurement drifts of
the thin-film gauges. An additional thermocouple was attached in proximity
of the copper case pin to monitor the metal temperature of the case during
the probe operation.
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Figure 4.3: Heat transfer probe design and instrumented ceramic insert
4.2.2.2 Aerodynamic probe
The unsteady pressure on the rotor shroud was also measured in order to
support the analysis of the heat flux data. A second probe was developed
based on the same design concept as the heat transfer probe allowing si-
multaneous measurements at an equivalent location. A metallic insert was
instrumented with two fast-response pressure sensors (Kulite RO type XCQ-
062) and fit into the probe head as shown in Fig. 4.4a. The pressure sensors
were not flush mounted but recessed inside the metallic block by 0.2 mm un-
derneath a 0.6 mm pressure tap. This configuration offers protection against
possible damages due to the close proximity of the rotating blades and still
guarantees an adequate frequency response to capture the pressure fluctu-
ations induced by the blade passage. The probe was also equipped with a
pneumatic pressure tap to facilitate the calibration of the fast-response sen-
sors. Fig. 4.4b shows the aerodynamic probe installed on the rotor casing
prior to a turbine test.
4.2.2.3 Tip clearance probe
The influence of the rotor tip clearance on the casing flow is a priority in this
research. The tip clearance sensor used in this work was successfully tested
in previous experiments, and the measurement system performance have
been already described in chapter 3. The capacitive probe sensing element
has a diameter of 5 mm and this sets its optimal working range, 0.15 -
2 mm. The sensor was positioned recessed 0.2 mm within the rotor ring
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(a) (b)
Figure 4.4: The fast-response pressure probe: a) cut view of the probe
measurement head and b) its installation on the rotor casing
during this experimental campaign to enhance the measurement sensitivity
and preserve a safety margin.
4.2.3 Measurement basics and data reduction
4.2.3.1 Measurement data acquisition
The wall temperature, static pressure and tip clearance were monitored
over the entire wind tunnel operation, including the pre-test rotation (∼450-
500 s), the test run and the turbine slow down phase. The signals were split
in three components in order to maximize the resolution of the low, medium
and high frequency fluctuations during the test, and capture variations at the
time scale of the test sequence (several minutes), actual blow-down duration
(∼0.5 s), and of the blade passing event (<0.2 ms). The low frequency
content of the thermal transient was sampled on a dedicated acquisition
system during 1250 s at 100 Hz. The medium frequency content, which
corresponds to the transient occurring during the blow-down (similar to a
step function), was low pass-filtered at 700 Hz and sampled at 2 kHz for 6 s.
The high frequency signal, used to analyze the unsteady component, was
high-pass filtered at 100 Hz, amplified by a factor of 10, and subsequently
sampled at 1 MHz for 1.5 s where the starting of the acquisition is set to 0.5 s
before the blow-down. An analog low-pass filter at 100 kHz provided the
anti-aliasing filter for the high-frequency data. The tip clearance signal was
directly sampled at 1 MHz. Additionally, acquisitions of the unsteady signals
were made at different rotational speeds during the rotor pre-test spinning
4.2. Experimental approach 65
up. Once the rotor speed was stabilized, static pressure, heat transfer and
tip clearance signals were acquired at 1 MHz for a duration of 2 s. Sampling
the unsteady signals at high frequency was retained crucial to appropriately
resolve the fast flow variations on the casing region. A minimum of 135
samples were acquired per blade passage event that corresponds to a spatial
resolution of ∼0.3 mm over the rotor tip area (∼24 samples). The nominal
blade tip thickness at the probe location is 6.7 mm.
4.2.3.2 Heat transfer measurement
The sensing thin-film gauge acts as a variable resistance thermometer which
is monitored by a dedicated Wheatstone bridge. The variation of the elec-
trical resistance with temperature was calibrated for each gauge in the range
290-360 K using a temperature controlled room where the whole heat trans-
fer probe is placed (T = aTR+bT ). Appropriate calibrations required several
annealing cycles which resulted in calibration curve fits with correlation co-
efficients above 0.9999. Because the absolute value of the thin-film resistance
(∼45-50 Ω) is typically one or two orders of magnitude larger than the re-
sistance variation generated by the blow-down of hot gas (∼1 Ω), the sensor
electronics can operate in two modes of amplification. In the first mode the
overall resistance of the gage is measured with a gain aR0 =∼ 0.010 Ω/V
(R0 = aR0V0 + bR0). In the second operation mode the Wheatstone bridge is
first balanced (auto-zero phase, the bridge outputs zero voltage), and then
only resistance variations are measured with a gain 50 times higher than for
the absolute operation mode (a∆R =∼ 0.50 Ω/V, ∆R = a∆RV + b∆R). The
electronic board output was calibrated with a resistance reference that yields
the voltage-resistance linear relationship for the two operating modes. The
sensor voltage is also modulated in the electronic board by an analogue fil-
ter that has a gain shape increasing with frequency [98]. A Matlab routine
was used to retrieve the original demodulated thin-film resistance that is
then converted into temperature applying the calibration laws. Finally, the
time-varying temperature was denoised by a digital low-pass filter. Fig. 4.5
shows an example of the post-processing steps to retrieve the wall tem-
perature from the thin-film signal of a blow-down test. The procedure for
the reconstruction of the wall temperature is identically applied to all the
thin-film gauge signals acquired at the three sampling rates.
During the processing of the thin-film sensors a methodology was devised
to correct eventual drifts of the wall temperature measurements. The tem-
perature measured before a test run (when the turbine rig is under thermal
equilibrium) by the thermocouples embedded in the ceramic substrate was
used to correct the initial wall temperature reading. Once the thin-film volt-
age is converted into temperature, the wall temperature signal is offset by
an amount such that the average temperature of the four thermocouples and
of the corrected thin-film sensor, measured at the start of the test sequence,
is equal. This type of correction is applicable only if the test-to-test signal
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Figure 4.5: Example of the heat transfer data reduction procedure for a
typical time-averaged signal during a blow-down experiment
drifts are not due variations of the gauge temperature sensitivity, and the
four thermocouples actually measure a uniform temperature in the ceramic
substrate. These conditions were always verified during the correction pro-
cedure and it was ensured that, after the compensation, the temperature
difference between the thin-film and the embedded thermocouples was actu-
ally within ±1.0-1.5 K at the end of the turbine run (wind tunnel returns to
thermal equilibrium but residual temperature distributions may still exist
in the substrate). Fig. 4.6 illustrates an example of the correction method-
ology by comparing the thin-film and the embedded thermocouples readings
at the beginning and at the end of the turbine test sequence.
The heat transfer at the casing wall was determined from the wall tem-
perature data by solving the 1D unsteady heat conduction equation for a












A set of initial and boundary conditions are needed to solve the 1D equa-
tion. At the wall, the measured thin-film temperature is imposed, Tw(0, t).
Assuming a second boundary condition at the inner side wall T (x = xmax, t),
the heat conduction equation is solved with a Crank-Nicholson numerical
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Figure 4.6: Correction of the thin-film sensor offset based on the tempera-
ture readings of thermocouples embedded in the ceramic substrate
discretization that provides the evolution in time of the temperature field in
the substrate. The assumption of a semi-infinite boundary condition at the
inner solid wall is valid as long as the duration of the transient heat transfer
process remains shorter than the thermal penetration depth, estimated by
L∞ = 3.648
√
αt, [99]. In the present case, being the ceramic substrate thick-
ness 3 mm (wall to copper pin tip distance), the semi-infinite assumption
holds for the blow-down time scales, i.e., test duration (0.5 s) and rotor
revolution event (<10 ms). In order to calculate the heat flux during the
pre-rotation, the average temperature evolution measured by the two ther-
mocouples at 3 mm from the wall is imposed at the rear solid wall. The wall






where the temperature spatial derivative is calculated with a third order
forward difference scheme. The resulting time-averaged heat transfer over
the whole test run is reconstructed as the sum of the spinning up heating
and the blow-down contribution, Solano and Paniagua [100].
The time-mean heat flux and wall temperature signals were averaged over
a time window of 40-80 ms near the end of the blow-down test (t∼0.4 s).
The unsteady heat flux measurements were ensemble-averaged to produce
a set of individual blade events that represent only the deterministic fluc-
tuations generated by the rotor blade passage [101]. The analysis of the
unsteady heat flux periodicity revealed significant blade-to-blade variations
that periodically repeat every complete rotor revolution. Fig. 4.7 shows
the typical frequency content of the unsteady casing wall temperature mea-
sured during a blow-down. Nearly all the signal energy is concentrated at
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the first (1 rotor revolution) and the second (64 blade events) engine or-
ders. The heat transfer oscillations generated by the blade tip passage are
strongly modulated by the rotor signature meaning that the fluctuations’
pattern periodically repeats every rotor turn. Therefore, the averaging of
the unsteady component was performed on a full rotor revolution cycle, i.e.,
on a phase equivalent to 360 degrees. The raw unsteady heat flux data
of the blow-down measurements were averaged over 20 rotor revolutions,
corresponding to 20 × 64 = 1280 rotor blade passages.
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Figure 4.7: Power spectrum density of the unsteady wall temperature at the
rotor casing for a blow-down test
An estimation of the wall temperature and heat flux measurement accu-
racy is provided in the following. The uncertainty analysis is based on the
methodology proposed by Coleman and Steel [75], all estimates are given at
the 95% confidence level and the bias and precision errors are distinguished.
The measured wall temperature Tw is determined from the thin-film gauge
voltage through the temperature-resistance calibration of the heat transfer
sensor and the calibration of the control electronic board output. The over-
all measurement accuracy can be deducted by application of the following
data reduction equation:
Twall = aT (aR0V0 + bR0) + bT´¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¸¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¹¶
T̄wall




The measurement system allows to monitor either the absolute wall tem-
perature (T̄w) either variations of the gauge resistance (∆Tw). Therefore,
the uncertainty limit is evaluated separately depending upon the operation
mode of the wheatstone bridge. The errors introduced by the surface sen-
sor finite thickness and the non-uniformity of the platinum layer deposition
have been neglected in this analysis. The heat transfer gauge is assumed
to have a repeatable response without hysteresis. When the absolute value
of the thin-film resistance is monitored, the accuracy in T̄w depends on
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the errors introduced by the gauge temperature-resistance calibration and
the electronic board calibration (voltage-to-resistance linear relationship).
These errors appear in T̄w as bias uncertainty once eq. 4.3 is applied. Error
in the measurement of the gauge voltage output is generated by the signal
noise, thus considered as a random uncertainty. The uncertainty of each
parameter is reported in Table 4.2 together with the corresponding error
engendered in the wall temperature measurement. Typical uncertainties
for the temperature-resistance calibration coefficients aT and bT are 0.5%
and 2.3% respectively, which are principally due to the temperature non-
uniformity within the calibration room (±0.1 K) and the accuracy of the
reference thermometer (±0.1 K). The values of aR0 and bR0 are calibrated
for each channel of the wheatstone bridge board. Precision uncertainty in
the reading of the output voltage V0 is estimated to be 0.02% of the mean
voltage value. The uncertainty in the absolute wall temperature T̄w can be
obtained by combining all the individual errors through the use of a Root
of Sum of Squares (RSSs) method.
For the current experimental conditions, the total uncertainty in T̄w has a
relatively high value of ±4 K, and the uncertainty due to the intercept of the
resistance calibration bT (±3.2 K) is the largest contributor. However, there
exists a number of procedures to reduce the error on the wall temperature
offset. The thin-film gauge resistance can be directly measured prior to a
test to provide a reference value to adjust the thin-film calibration. Another
method that guarantees low uncertainty on the gauge temperature intercept
consists in monitoring the gauge excitation current as proposed in [102]. In
the present case the wall temperature offset is corrected prior to a test with
the temperature measured by the embedded thermocouples in the Macor
substrate. This allows to estimate the thin-film offset with an error of ±0.2 K,
generated by the thermocouple reading dispersion (±0.15 K) and by the
thermocouple sensor accuracy (±0.1 K). In this way the uncertainty on T̄w
was reduced to ±2.4 K.
Measurement of ∆Tw is affected by errors in: gauge resistance-temperature
sensitivity, electronic board calibration, gauge voltage, and voltage offset
needed to correct the residual unbalance of the wheatstone bridge. The
overall error in ∆Tw is estimated to be ±0.15 K, dominated by the uncer-
tainty in aT .
In order to improve the accuracy in the wall temperature measurements
it is convenient to perform accurate temperature calibrations of the gauge
resistance with more than 10 temperature points uniformly spaced across the
calibration range that should encompass the expected measurement range.
More importantly, the evolution of the thin-film resistance during a blow-
down test should be preferably monitored using the relative operational
mode (∆R) of the wheatstone bridge.
The uncertainty in the wall heat flux measurement is evaluated according
to the following equation:
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T̄w = aT (aR0V0 + bR0) + bT






aT K/Ω 10.08 0.50% 1.47 2.177
bT (cal. interc.) K -139.71 2.29% 0.47 3.202
bT (TC correction) K -139.71 0.14% 0.47 0.201
aR0 Ω/V 99.78 0.15% 1.48 0.679
bR0 Ω -0.56 14.09% 0.02 0.789
V0 V 0.44 0.02% 1.48 0.111
T̄w (cal. interc.) K 300.00 ±4.01 (20:1)
T̄w (TC correction) K 300.00 ±2.42 (20:1)
∆Tw = aT (a∆R (∆V∆R − Voffset) + b∆R)






aT K/ohm 10.08 0.50% 1.0 0.149
a∆R Ω/V 2.02 0.08% 1.0 0.023
b∆R Ω 0.01 60.23% 0.002 0.032
∆V V 1.52 0.02% 1.0 0.008
Voffset V 0.05 0.39% -0.03 -0.004
∆Tw K 30.00 ±0.15 (20:1)
Tw (TC correction) K 300.00 ±2.43 (20:1)










Eq. 4.4 describes the relationship between the heat flux and the measured
parameters in the case of an heat transfer step with mono-dimensional heat
conduction through a semi-infinite substrate. Heat transfer measurements
are affected by uncertainties in the measured wall temperature change (∆Tw)
and in the thermal product of the substrate (
√
ρck), which appear as fixed
bias errors. Only wall temperature variations must be considered for the
determination of the heat flux since the initial substrate temperature does
not to affect the heat flux evolution in the investigated experimental tem-
perature range. Hence, the contribution of the wall temperature error can
be considered negligible. Previous measurements for Macor ceramic have
shown that the uncertainty in the thermal product is about ±6% (20:1) [99].
The numerical algorithm used in the heat flux data reduction introduces
minor errors. The effect of the thin-film layer thickness on the flow sta-
tus is also considered negligible [97]. The largest source of uncertainty in
Q̇w comes from the thermal product and the overall uncertainty in heat
transfer is ±6.0%. Table 4.3 summarizes the contribution of the measured
parameters to the wall heat flux uncertainty.
4.2.3.3 Adiabatic wall temperature and Nusselt number measurement
The flow on the overtip casing of a shroudless turbine is intrinsically un-
steady as the rotor blade motion induces fierce fluctuations of the aero-














ρck Jm-2K-1s-0.5 2073 6.00% 1.0 5.23
∆Tw K 30 0.51% 1.0 0.45
Qw kW 87.00 ±6.0% (20:1)
Table 4.3: Wall heat flux uncertainty
dynamic conditions in this region. The heat transfer is therefore highly
time-dependent because of temporal variations in convective heat trans-
fer coefficient (velocity and pressure fluctuations), and temporal changes of
flow recovery temperature (unsteady work processes). It is apparent that
the measurement of heat flux is not sufficient to capture the physical origin
of the heat transfer fluctuations. Hence, the measurement of the adiabatic
wall temperature and the adiabatic local convective coefficient becomes a
primary goal for this research.
The determination of the time-resolved adiabatic wall temperature is
based on the measurement of the heat flux at a number of casing wall tem-
peratures. This requires multiple tests to be run in the turbine rig with the
local wall temperature adjusted to a different level before each blow-down.
The time-mean heat transfer rate and the time-mean wall temperature of
each test are averaged over a time window of 40-80 ms to yield single val-
ues representative of the heat transfer and wall temperature when the tur-
bine operates at correct aerodynamic conditions. The average heat flux is
added to the time-periodic component dataset (zero-mean) to reconstruct
the time-resolved heat flux over a rotor revolution. Hence, the time-resolved
heat flux of each test can be plotted against the rotor phase and the average
wall temperature. At a certain rotor phase, the change in wall heat flux can
be modeled as a linear function of the wall temperature over the investigated
temperature range [103]:
Q̇w (ϕ) = haw (ϕ) (Taw (ϕ) − Tw) (4.5)
where the adiabatic wall temperature is determined as the wall temper-
ature that yields zero heat flux [102]. The local convective heat transfer
coefficient is the gradient of the linear regression line that fits the experi-
mental data as prescribed in eq. 4.5. The Nusselt number can be determined
based on the adiabatic wall temperature as:




This procedure can be applied to all the rotor phase instants assuming
that the boundary layer is always in a quasi-steady state. This assump-
tion can be considered valid if the response time of the boundary layer is
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sufficiently short compared to the time-scale of the aerodynamic periodic
fluctuations. In the case of thin high-speed boundary layers typically found
in highly loaded turbines, the boundary layer time response is very fast (few
microseconds), and relatively slow flow fluctuations happening at the blade
frequency (∼0.10-0.15 ms) can be tolerated [94, 104].
An example of the procedure for the adiabatic wall temperature data
reduction is given in Fig. 4.8 for a particular value of the rotor phase (0.52).
It should be noted that the adiabatic wall temperature can be related to the
total temperature through a recovery factor that is function of the Mach
number. The adiabatic wall temperature can be interpreted as the local
flow total temperature in the close proximity of the casing endwall if the
Mach number is known [93]. The difference in these two temperatures would
be less than 2.5% at a Mach number of 1 and assuming a recovery factor
of 0.86. Therefore, the adiabatic wall temperature provides a qualitative
representation of the flow thermodynamics and can be used to investigate
the work exchanges undergone by the fluid across the rotor row. In the
following the adiabatic wall temperature will be also referred as the local
driver temperature.
The determination of the adiabatic wall temperature and heat transfer
coefficient is based upon the fit of the experimental heat flux and wall tem-
perature data through the use of eq. 4.5. Therefore, the uncertainty in these
parameters is influenced by a number of factors: the number of measure-
ment points employed to define the linear fit, the wall temperature range
spanned in the experiments, the error in the heat flux measurement and the
repeatability of the experimental conditions in the turbine wind tunnel.
A statistical analysis was carried out using a Monte Carlo type approach
to investigate the propagation of the error in each measurement parameter in
the resulting uncertainty in Taw and haw for typical experimental scenarios.
The following analysis provides useful guidelines to design experiments for
the determination of the adiabatic wall temperature and convective coeffi-
cient. A baseline case was selected which represents the actual experimental
conditions. The influence of each parameter on the uncertainty in Taw and
haw was separately studied as a function of the adiabatic wall temperature.
A fixed convective heat transfer coefficient was considered in the calculations
(haw=2000 Wm
-2K-1).
The results of the parametric uncertainty analysis are illustrated in Fig. 4.9.
The number of experimental data points has a significant effect on the preci-
sion uncertainty in Taw and haw. As a larger number of data points is used,
the error in the experimental data fit reduces. However, use of a larger
number of data points becomes truly beneficial only when the adiabatic
wall temperature does not fall within the spanned wall temperatures, i.e,
the Taw is found by extrapolation. Increasing the wall temperature range
leads to a reduction of the random uncertainty in both Taw and haw. As
an example, the upper middle plots of Fig. 4.9 shows that if an adiabatic
wall temperature of 450 K has to be measured, the random uncertainty
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Figure 4.8: Procedure for heat transfer and adiabatic wall temperature data
reduction
in Taw drops from ±40 K to ±5 K when the Tw range is extended from
±25 K ±100 K (around the same mean Tw=325 K). The error in convective
coefficient reduces from 30% to 5%.
Because the measurement of the adiabatic wall temperature is based on
a multiple test strategy, the random error is significantly affected by the
repeatability of the aero-thermodynamic conditions established in the tur-
bine experiment. According to eq. 4.5, the factors related to the test-to-test
variability are the Reynolds number (change in haw), the turbine inlet to-
tal temperature (change in Taw), and the rotor tip clearance (change in
Taw and haw). The variations in run conditions are assumed to generate
normally distributed random errors into the measurement of the wall heat
flux and thus in Taw and haw. Analysis of the uncertainty propagation of
the test-to-test variability into Taw and haw was carried out for three heat
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flux repeatability levels. The baseline case (±4%) is representative of the
actual performance of the turbine wind tunnel. The lower middle plots of
Fig. 4.9 display the overall uncertainty in Taw and haw as a function of the
random error in Q̇w. The run-to-run repeatability has a great impact on
the uncertainty in Taw and haw when the adiabatic wall temperature falls
outside the spanned Tw range. The bias error in the measured heat transfer
rate does not influence the measurement of adiabatic wall temperature. In
contrast the bias error in ∆Tw propagates through the data reduction equa-
tion (eq. 4.5). However, the resulting bias error in Taw is negligible. The
measurement of haw is affected by bias errors in Q̇w and Tw. The bias errors















Improvement of the test condition repeatability would always increase the
overall accuracy in the adiabatic wall temperature measurement. In con-
trast, the lowest total error in convective heat transfer coefficient is limited
by the bias error in wall heat transfer (error in the thermal product).
The effect of two additional factors on the measurement error in adiabatic
wall temperature and convective heat transfer coefficient was also investi-
gated: the change of the thermal product value with temperature, and the
non-linear variation of the convective coefficient as a function of the sub-
strate wall temperature. It must be noted that these two parameters do not
introduce a statistical uncertainty, but rather an offset in the measured Taw
and haw.
The thermal properties of the ceramic substrate are usually assumed to
remain constant over the spanned wall temperature range and a fixed value
of
√
ρck from calibration at ambient temperature (300 K) is used through
the data reduction. However, the thermal product of Macor has been shown
to vary with temperature at a rate of 0.1% per degree Kelvin [97, 105].
Therefore, the thermal product varies proportionally with the wall substrate
temperature. Here, for the sake of simplicity, it is assumed that the wall
temperature variation during a single experiment does not cause a change
in the thermal product value. The corrected values of Taw and haw can be
estimated via the following equations:
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Q̇
′
w = Q̇w + Q̇wY (Tw − Tref)
T
′
aw = Tw,1 −





Q̇w,2 [1 + (Y (Tw,2 − Tref))] − Q̇w,1 [1 + (Y (Tw,1 − Tref))]
(Tw,2 − Tw,1) (4.8)
where Y ([1/K]) is the rate of change of
√
ρck, Tref is the temperature
at which the thermal product calibration is performed, and the subscripts 1
and 2 denote the heat flux measured at the lowest and largest wall temper-
atures. The error in Taw associated to the thermal product variation with
temperature remains below ∼2 K for adiabatic wall temperatures within the
wall temperature range (bottom left plot of Fig. 4.9). However, the adiabatic
wall temperature is significantly overestimated when the wall temperature
range does not encompass Taw. The error in haw is directly proportional to
the variation of the thermal product with temperature (bottom right plot of
Fig. 4.9). In the investigated wall temperature range, using a value for
√
ρck
calibrated at temperatures close to the mean wall temperature (Tw=325 K)
provides almost no improvement. It is important to remark that the error
due to changes of thermal product with temperature only affects the time-
average adiabatic wall temperature and convective heat transfer coefficient.
Large unsteady fluctuations in Taw and haw at blade passing frequency gen-
erate instantaneous heat flux oscillations to which correspond wall tempera-
ture variations below 1 K in the present application. On the other hand, this
error can be reduced by using a modified value of the thermal product in the
heat flux data reduction as a function of the initial substrate temperature.
In order to determine the adiabatic wall temperature and the convective
heat transfer coefficient a straight least-square fit is performed on the ex-
perimental wall heat flux and temperature data. This procedure assumes
that a linear relationship exists between the measured heat flux and the wall
temperature, i.e., the heat transfer coefficient is constant over the spanned
wall temperature range. Fitt et al. [106] demonstrated that for a flat plate
at constant free-stream Reynolds number and flow total temperature, the








Eq. 4.9 illustrates that in reality haw is not ideally constant over a defined
wall temperature range, and therefore a non-linearity error is introduced
when eq. 4.5 is applied to the experimental measurements. The error that is
introduced is twofold: 1) the haw determined as the slope of the experimen-
tal data fit can be considered as the average of the convective coefficients
that would be measured at the different experimental wall temperatures.
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Therefore, an error is introduced since the variation of the convective coef-
ficient is not linear with the wall temperature. 2) An additional error arises
if the mean wall temperature does not correspond to the actual wall tem-
perature that is used for the definition of the target gas-to-wall temperature
ratio.
The error in haw can be determined through eq. 4.9 considering uniformly
spaced wall temperature samples, and that a temperature difference exist
between the mean experimental wall temperature (Tw,mean) and the refer-
ence wall temperature (Tw,ref ) that defines the gas-to-metal temperature





















∆haw,nonlin = haw,exp −∆haw,range −∆haw,ref (4.10)
The modification of the convective coefficient implies also the correction
of the adiabatic wall temperature that can be estimated through:
∆Taw,nonlin = Taw,exp − Q̇w,mean(haw,exp −∆haw,range −∆haw,ref) (4.11)
The errors in the estimation of the adiabatic wall temperature and con-
vective heat transfer coefficient are plotted in Fig. 4.9. The calculations
were performed considering a Twall,ref=300 K. The error in Taw is rela-
tively small (-5 K < ∆Taw < 10 K for 250 K < Taw < 600 K) compared
to the total uncertainty that affects the measurements. The impact of the
wall temperature range is of minor importance. The error in the convective
heat transfer coefficient is also limited (<2-4%), is independent of the adia-
batic wall temperature value, and is feebly affected by the wall temperature
range. It has to be noted that the corrections for Taw and haw proposed
here are only an approximation of the real problem. However, eq. 4.10 and
4.11 provide a simple tool to assess the magnitude of the deviation between
the actual Taw and haw and the experimental values determined by means
of the multi-test strategy.
The experimental conditions of the turbine study were Taw ∼370 K and
300 K ≤ Tw ≤ 350 K and typically 7 data points were used to perform the data
fit. The overall uncertainty in the time-average adiabatic wall temperature
is estimated to be less than ±5 K. However, for unsteady Taw fluctuations
beyond 500 K the error rises above ±25 K. Typical values for the total
uncertainty in convective heat transfer coefficient are 10% at moderate Taw
(350-400 K), increasing above 20% for Taw > 550 K.
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Figure 4.9: Parametric analysis of the adiabatic wall temperature and con-
vective heat transfer coefficient uncertainty
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4.2.3.4 Static pressure measurement
The time-resolved static pressure fluctuations in the rotor casing were mea-
sured with fast-response strain gauge Kulite transducers (Fig. 4.10a). The
pressure sensor is composed of four piezo-resistors arranged in a Wheat-
stone bridge as shown in Fig. 4.10b. Two of the four sensing elements work
in compression while the other two experience tension. The overall bridge re-
sistance remains unaltered but the bridge unbalance is directly proportional
to the pressure applied on the gauge surface. These semi-conductor sensors
are known to be temperature sensitive. Both the zero offset and sensitivity
of the gauge are affected, and therefore a compensation of the temperature
effect is needed to perform accurate pressure measurements. This becomes
of particular importance for measurements in the short-duration turbine rig
where large temperature transients occur. In order to monitor the pressure
and the temperature of the sensor membrane, a double wheatstone bridge
configuration is adopted with an external resistor that measures the bridge
sensitivity to temperature (Vs, Fig. 4.10b). A data-reduction procedure was
used that allows a precise control of the temperature-induced error by in-
cluding the span and offset sensitivities to temperature into the calibration
of the fast-response pressure gauge:
Pkul = (a1Vs + b1)Vp + (a2Vs + b2) (4.12)
The calibration of the piezo-resistive pressure transducer was performed
in-situ during a rotor spinning up cycle where pressure and temperature
transients are generated by releasing into the test section, initially under
vacuum, the air supply of the turbine aero-brakes. Due to the friction be-
tween the air and the rotating blades (ventilation losses), the gas tempera-
ture increases. The sensor voltage output (Vp and Vs) is monitored during
the entire duration of the pressure and temperature transient. At the same
time, a pressure measurement is performed by means of a pressure tap lo-
cated in proximity of the Kulite sensor and connected via a pneumatic line
to a slow-response transducer outside the test section. The pneumatic mea-
surement, insensitive to temperature, provides the reference pressure for the
calibration of the fast-response gauge. The four coefficients (eq. 4.12) of the
fast-response sensor calibration are determined through an optimization rou-
tine that minimizes the difference between the two pressure measurements.
An example of a typical calibration for a Kulite transducer is illustrated in
Fig. 4.10c. Details on this compensation technique are given by Ainsworth
et al. [107] and Dénos [108]. The data reduction procedure for the tem-
perature compensation ensures an accuracy of ±10-15mbar (20:1) in the DC
part of the kulite pressure measurement, the most affected by the thermal
drift [101]. The time-resolved pressure component has also been calibrated
using the full set of calibration coefficients according to eq.4.12. The error
in pressure increases as the temperature transient is larger. However, tem-
perature variations happening at the time-scale of a rotor revolution can be
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considered very limited and thus, the uncertainty on the unsteady pressure
fluctuations is estimated to reduce to ±5mbar (20:1).
Figure 4.10: Fast-response Kulite pressure gauge: a) structure of the piezo-
resistive sensor b) circuitry operating principle c) example of sensor calibra-
tion for temperature correction
The fast-response pressure sensor was embedded inside the the casing
probe support for safety purposes. However, this arrangement produces a
reduction of the instrumentation promptness due to the presence of a cav-
ity between the sensor membrane and the surface pressure tap. The small
volume of the cavity introduces a resonance frequency in the transducer
response limiting the sensor bandwidth. Fig. 4.11 shows the frequency con-
tent of a typical unsteady pressure measurement on the rotor casing during
a test. The cavity resonance band is visible at around 90 kHz while the
transducer natural frequency is located at approximately 290 kHz. The
aerodynamic probe can be considered prompt up to 70 kHz without digital
compensation. This means that up to 10 harmonics of the blade passing
frequency (7.2 kHz) can be captured. All the unsteady pressure data have
been digitally low-pass filtered at 70 kHz before applying any further data
reduction.
The data processing of the casing static pressure data follows the same
procedure adopted for the thin-film measurements. The time-average kulite
signal is first calibrated and then averaged over a time window of 40 ms
close to the test end. The unsteady signal component is low-pass filtered
and then phase-lock averaged at the rotor disk passing frequency over 20
rotor revolutions.
4.2.3.5 Tip clearance
The capacitive tip clearance probe provided the individual tip-to-casing gap
over the 64 blades of the turbine stage. The sensor was calibrated in situ
80 Chapter 4. Aero-thermal flow field in the overtip casing of a transonic rotor
Figure 4.11: Example of the frequency content of an unsteady pressure
signal measured at the rotor casing during a blow-down
thanks to the self-calibration technique proposed in section 3.3.3 since at the
moment of the experimental campaign wear gauges at the rotor casing were
not available. The self-calibration is performed by displacing the proximity
measurement probe inside the rotor casing ring at several positions during
a spinning-up procedure at a stabilized rotor speed close to the test design
value of 6790 rpm.
Once the probe calibration is available, the capacitance sensor voltage
is converted into tip clearance. The time-varying tip gap signal is further
processed to yield the blade-average and the blade-to-blade tip clearance
information together with the rotor speed and acceleration for the entire
test duration. The phase-averaged heat transfer and static pressure data
are synchronized with the tip clearance signature in rotation allowing direct
comparison for each single blade. In order to obtain the actual value of
the single blade tip clearance at each of the three peripheral measurement
locations, the relative difference in circumferential tip clearance is subtracted
from the real-time blade tip gap measured by the proximity probe at its
current position.
The uncertainty associated to the tip clearance measurements is discussed
in detail in section 3.5. The error largely depends on the sensor operating
range and for the rotor casing measurements the overall uncertainty is es-
timated to be less than ±15µm (20:1) being the probe tip recessed 0.2 mm
inside the rotor casing.
A methodology that relies on the capacitance sensor output was devised
to provide a rough estimate of the relative pitch-to-pitch variations (i.e.,
blade-to-blade changes of the rotor passage width) in rotation. The distance
between two passing blades is estimated as the temporal difference between
two consecutive local maxima in the raw tip clearance signal. Local peaks in
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the capacitance sensor output are representative of the instantaneous pas-
sage of the blade underneath the capacitance probe tip. In order to account
for the variation of the rotational speed during the test, the blade-to-blade
pitch variation is normalized by the mean blade passage width at each rotor
turn. Although the capacitance sensor signal shape is not especially suited
for accurate detection of the blade passing event, the blade-to-blade pitch
signature showed a high level of repeatability both at subsequent rotor rev-
olutions and at different rotor speeds. This gave confidence that the applied
methodology was reliable. Fig. 4.12 shows the pitch-to-pitch variability with
repeatability levels on 16 tests (95% confidence level). The investigation of
the rotor geometry variability was completed by the measurement of the
blade thickness of each of the 64 rotor airfoils. A high-resolution photo-
camera was installed on a fixed location in proximity of the rotor blading
where optical access to the airfoil rear tip profile was available. The blade
thickness was measured based on the number of pixels contained within the
blade profile. The processed images had a resolution of ∼70 pixels/mm.
The measured blade-to-blade profile thickness variation is also plotted in
Fig. 4.12.
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Figure 4.12: Blade-to-blade rotor pitch and thickness variations at the cas-
ing measurement location (x/Cax,r=0.75)
4.3 Results
The collected measurement dataset is analyzed focusing first on the time-
averaged data, and then on the time-resolved measurements. In the fol-
lowing discussion emphasis is given to the unsteady character of the heat
transfer and aerodynamics in the casing region related to the rotor passage
events and the tip clearance fluctuations.
4.3.1 Time-average results
The heat transfer data were used to reconstruct the evolution in time of
the local driver temperature and convective coefficient (expressed through
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the adimensional parameter Nusselt number) during a blow-down. An ex-
ample is illustrated in Fig. 4.13. Both Taw and Nu rise at the beginning
of the experiment as hot gas enters the test section and the correct aero-
dynamic conditions establish in the turbine. The heat transfer parameters
are sensitive to fluctuations of the turbine temperature and speed levels,
and remain constant for about 150 ms around t∼0.2-0.35 s. The measured
adiabatic wall temperature is close to the total temperature measured at the
rotor outlet and in line with the expected total temperature value at the tip
region (T03,tip = 370K) based on a NISRE calculation.
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Figure 4.13: Evolution of rotor casing adiabatic wall temperature and Nus-
selt number during a turbine blow-down
The time-average values of the adiabatic wall temperature, Nusselt num-
ber and static pressure are presented in Table 4.4 together with the blade-
average tip clearance. The heat transfer and static pressure were measured
with the two probe sensor pair (both thin-film and fast-response pressure
sensors) aligned with the turbine axis in order to maximize the sensitivity
to blade-induced fluctuations. The circumferentially-averaged tip clearance
was measured to be 0.35% of the blade span over the 64 rotor blades at 6790
rpm. Tip gap measurements at the three circumferential positions revealed
a limited static rotor eccentricity (less than 0.1% of the blade span) due
to the casing bore ovality and positioning of the rotor disk. The dynamic
eccentricity was estimated to be negligible in the investigated rotor speed
range (see chapter 3). The time-average heat transfer data showed that the
adiabatic wall temperature at position 01 and 02 is 1%- 3% above the total
temperature measured at mid-span of the rotor outlet (T03 ∼360 K). The
experimental observation reflects the decay in flow total temperature along
the axial direction as work is extracted by the rotating blades. The adiabatic
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wall temperature varies 2% of T01 (∼9 K) depending upon the circumferen-
tial position. This can be explained by different relative locations of the
shroud casing instrumentation with respect to the upstream high-pressure
vane. The rotor-stator interaction is the driving mechanism that generates
circumferential local flow distortion as already observed by Thorpe et al.
[93], who measured peripheral temperature variations in the range of ∼8
K at 80% of the rotor axial chord and 10% variation for the local Nusselt
number. In this study, the experimental Nusselt number exposed a negligi-
ble change at two casing locations, below 1%. Hence, it appears that the
small difference in average tip clearance between position 01 and 02 (0.1%
of blade span) does not influence the convective heat transfer processes in
the investigated clearance range (0.3-0.4% h/H). The average local Nusselt
number measured at 75% of the rotor axial chord is around 980. This is in
agreement with the experimental values of casing convective heat transfer
coefficients measured in the experimental investigations of Guenette et al.
[88] and Chana et al. [96] on a transonic turbine stage.
The time-averaged static pressure at the rotor casing is also reported in
Table 4.4, normalized by the inlet total pressure. The data showed again
a subtle change depending on the circumferential position of about 2.5% of
P01. The static pressure mean value is strongly dependent on the amplitude
of the unsteady static pressure fluctuations. The rotor tip clearance gap size
is one of the key parameters that control the aerodynamics of the tip flow,
by defining the geometry of the duct for the tip leakage jet. The investigated
HP rotor has a highly subsonic exit blading (Mach number 0.9 at the tip
section) and transonic speed can be expected on the blade suction side. As
demonstrated by Wheeler et al. [82], for large blade width-to-gap ratios
(s/h ∼32 in the present case) the flow is likely to be transonic within the tip
gap itself. Thus, a variation of the mean tip clearance will also impact on
the time-averaged static pressure field. Moreover, it has to be noted that
the average static pressure field was weakly affected by the signature of the





h/H 0.32% 0.41% 0.29%
Ps/P01 - 0.387 0.363
Taw/T01 0.768 0.796 -
Nu 989 973 -
Table 4.4: Time-averaged results at the rotor casing (75%Cr,ax) and mea-
sured stage inlet conditions
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4.3.2 Time-resolved results
4.3.2.1 Time history analysis
Fig. 4.14 shows the adiabatic wall temperature, the Nusselt number and the
static pressure ensemble averaged fluctuations measured on the rotor casing
as a function of the rotor phase. On the left side, the phase-locked traces are
displayed over a full rotor revolution (360 degrees), while on the right side
the same traces are represented only over a partial phase window to enhance
the detail of the signal fluctuations. The static pressure, the convective heat
transfer coefficient and the local driver temperature show a steep rise and
fall, periodic with a blade-passing cycle (ϕ = 1/64). The maximum signal
amplitudes are measured during the rotor tip traverse, while the low level
regions are obtained in the blade passage. The highest peak in local driver
temperature occurs near the corner of the tip suction side edge (thick blue
line) as the leakage flow exits the rotor tip gap, while the gradient on the
pressure surface edge (dotted red line) appear of smaller magnitude. The
average size of the adiabatic wall temperature peaks is comparable with the
turbine inlet total temperature. This has to be expected as the work pro-
cesses engendered by the interaction of the hot flow with the rotor blade can
lead to a strong ”compression” of the flow in the overtip region in the sta-
tionary frame of reference and thus, to a significant increase of the absolute
stagnation temperature [91]. The Nusselt number follows approximately the
same trend as the local driver temperature. The evolution of the Nusselt
number over a blade passage is strongly influenced by the traverse of the
rotor blade tip. As the blade tip suction side edge approaches the sensor,
the convective heat transfer coefficient experiences a sharp rise and reaches
a peak within the overtip gap. The steep increase in Nusselt number at the
suction side edge is due to the sudden arrival of the blade surface that dis-
rupts the endwall boundary layer that has developed in between two blade
tip passages (thick boundary layer, low thermal convection) and the recre-
ation of a new started boundary layer (thin boundary layer, high thermal
convection). The tip leakage flow enters the blade gap from the blade pres-
sure side and significantly accelerates to high transonic speeds. Therefore,
the boundary layer gets thinner and thinner along the blade thickness as
shown by the convective heat transfer coefficient fall as the blade tip tra-
verses. Within the blade passage the convective heat transfer is generally
higher in the proximity of the blade pressure surface and reaches a minimum
toward the suction side passage. The sudden flow acceleration in the blade
tip gap is also captured by the static pressure signal that shows a rapid
drop starting from the blade pressure side edge. Along the rotor passage
the pressure change is relatively gradual from suction to pressure side.
A striking feature of the measured data is the considerable dispersion of
the amplitude of the adiabatic wall temperature and Nusselt number. The
majority of the blade passages show a maximum fluctuation of the adiabatic
wall temperature between 0.7 and 0.9 of the inlet total temperature, in close
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agreement with the adiabatic wall temperature levels measured by Thorpe
et al. [92]. For some other blades the driver temperature raises to excep-
tionally high levels, for a few of them around 150 K above the inlet total
temperature (470 K) as shown in Fig. 4.14. Local overtip flow temperatures
above the stage inlet total temperature are to be expected as the tip leak-
age flow is ”compressed” by the rotor blade passage. Previously, [83, 94],
adiabatic wall temperature amplitudes on the rotor shroud were reported
to be 10-15% higher than the inlet total temperature. Few other works in-
vestigated the unsteady heat transfer at the shroud of a high speed turbine
at fully matched engine conditions ([88, 96, 109]). All reported very high
heat flux fluctuations across the overtip region (150 − 400kW /m2), in line
with the heat flux levels measured in the present investigation (top right
of Fig. 4.8). Although the previous works did not provide the adiabatic
wall temperature, the heat flux levels would be compatible with large in-
stantaneous local flow temperatures and convective heat transfer coefficients.
Nevertheless, no previous research reported the signature of the shroud heat
transfer above the rotor tip, with adiabatic wall temperatures 40% higher
than the stage inlet total temperature. The Nusselt number over a rotor
revolution oscillates between 80% and 140% of its time-average value and
the amplitude of the convective heat transfer coefficient fluctuations also
present large blade-to-blade variations that vary between 20% and 50% of
the time-average value. In order to confirm that the experimental data were
repeatable and representative of the real flow physics, measurements were
repeated and data double-checked. The phase averaging of the unsteady
wall temperature measurements (reads unsteady heat flux) over a full rotor
revolution was excellent, with correlation coefficients typically above 0.99.
4.3.2.2 Analysis of the blade-to-blade pressure and heat transfer
In order to understand the physical mechanisms behind such large blade-
to-blade differences, the peak-to-peak maxima values of the adiabatic wall
temperature and Nusselt number were tracked over one rotor phase and
associated to the respective blade number. The same procedure was applied
to the unsteady static pressure signal measured at the same location. The
data were subsequently plotted against the tip clearance. Fig. 4.15 shows
the distribution of the maximum adiabatic wall temperature (left plot) and
the Nusselt number (center plot), measured during the test and at two
different rotational speeds during the spinning up period, normalized by
their time-average values. It is clear that the heat transfer parameters show
no apparent correlation with the tip clearance size in the investigated range.
For the same clearance level, both the Nusselt and driver temperature peak
values scatter on a very large band. This was observed to happen for both
the blow-down and for the pre-rotation measurements when the turbine test
section is at vacuum level (∼ 30 mbar) under moderate thermal equilibrium.
Conversely, in the case of a turbine test, the casing endwall static pres-
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Figure 4.14: Measured time-resolved casing adiabatic wall temperature,
Nusselt number and static pressure as a function of rotor phase
sure showed a good correlation with the tip clearance as depicted on the
right picture of Fig. 4.15. The plot displays the amplitudes of the pressure
oscillations, normalized by the inlet total pressure, generated by a single
blade passage. For a turbine test, this quantity represents the load differ-
ence between pressure and suction side and can be reasonably assumed as
an estimate of the local flow speed across the rotor tip gap. The static
pressure amplitude drops as the tip clearance becomes larger. Data showed
a reduction of almost 25% in the driving pressure load as the tip gap size
increase by 0.6% of the blade span.
Fig. 4.16 illustrates the signature of the adiabatic wall temperature, Nus-
selt number and static pressure amplitudes against the tip clearance size as
a function of the blade number during a turbine test (left plot) and for a
run-up (right plot). For the test case, the static pressure and the tip clear-
ance signatures present a good match indicating that the aerodynamic flow
field is strongly modulated by variations of the gap size. On the other hand,
the signature of the adiabatic wall temperature and Nusselt fluctuations do
not match the tip gap size variations. Therefore, it seems that the origin of
the heat transfer fluctuations cannot be directly explained by a change in tip
clearance or static pressure. However, the distribution of the blade-to-blade
driver temperature preserves a distinct trend that is maintained during the
blow-down experiment and the pre-rotation tests.
Interestingly, the static pressure fluctuations measured during the spinning-
up process (normalized by the total pressure in the turbine test section, ap-
proximately 30 mbar) present a high degree of overlap with the adiabatic
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wall temperature signature as illustrated in Fig. 4.16, right. A large static
pressure oscillation is observed to occur in correspondence of a high adia-
batic wall temperature swing as depicted in Fig. 4.14, bottom right. As the
blade suction side approaches, the air is suddenly compressed and the local
driver temperature experiences a steep rise. However, the static pressure
field during the run-up phase still maintains a weak correlation with the tip
clearance magnitude and a moderate reduction of the pressure amplitude
can be observed as the tip clearance gets larger (Fig. 4.15, right). The com-
parison of the run-up and blow-down data suggests that the blade-to-blade
variability in the adiabatic wall temperature and static pressure are gen-
erated by a flow mechanism that is independent of the tip clearance size.
When the rotor blades are loaded during the blow-down test, the static pres-
sure field in the overtip region is imposed by the tip leakage flow. Hence, the
pressure signature observed in the run-up case is hidden by the established
pressure load difference at the rotor tip section and the effect of tip clear-
ance variations becomes predominant. On the contrary, the signature of the
adiabatic wall temperature during the blow-down is scarcely affected by the
established overtip leakage flow as it remains the same as in the run-up case.
This indicates that the blade-to-blade variability of the heat transfer data is
mainly attributable to the same work process that originates the adiabatic
wall temperature fluctuations during the no-flow phase, and whose effects
appear to largely dim any variation of the overtip heat transfer induced by
changes of the tip leakage flow structure with different tip gap levels.
Figure 4.15: Adiabatic wall temperature, Nusselt number and static pres-
sure correlation with the blade-to-blade tip clearance
The correlation between the aerodynamic field and the thermal load in
the rotor spinning up phase was also assessed by comparing the run-to-run
repeatability of the heat flux and the static pressure signatures. Fig. 4.17
depicts the relative blade-to-blade variation of the static pressure and heat
flux oscillations, averaged on 24 tests, and the corresponding uncertainty
band at 95% confidence level for both run-up and blow-down experiments.
The run-up signatures result from the average of all the tests performed at
different rotational speeds (3000/5000/6300 rpm). The very high repeata-
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Figure 4.16: Blade-to-blade signature of adiabatic wall temperature, Nusselt
number, static pressure and tip clearance for a blow-down experiment (left)
and for a run-up (right)
bility proves that the rotating static pressure and heat transfer patterns are
unchanged by rotor speed variations. In the spinning up phase the heat
flux and pressure amplitude traces are almost identical. As the tip leakage
flow establishes during the blow-down, the pressure signature is exclusively
driven by the tip clearance variations. Conversely, as for the adiabatic wall
temperature, the unsteady heat flux signature is not affected by the tip gap
flow.
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Figure 4.17: Run-to-run repeatability of the blade-to-blade unsteady heat
flux and static pressure variations for a test and a turbine run-up (at dif-
ferent rotor speeds)
There could be a number of factors that might be held responsible for
causing such significant variations between blade passages, and consequently
hide the tip clearance effect. The excellent repeatability of the heat transfer
and pressure signature of the 64-blade rotor suggests that the generation of
the blade-to-blade variability is likely to be related to geometrical dissimi-
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larities of the rotor row other than the tip clearance. The unsteady patterns
of the static pressure and heat transfer signals were also confronted with the
blade-to-blade pitch and blade thickness variations available from the mea-
surements described in section 4.2.3.5. Fig. 4.18 displays the adiabatic wall
temperature, Nusselt number and static pressure amplitudes of the 64 rotor
blades as a function of the corresponding blade pitch and blade thickness.
Both the thermal and aerodynamic data spread in a random fashion against
the measured pitch and blade thickness variations. This indicates that the
observed aero-thermal flow data are also uncorrelated with modest changes
in rotor pitch (±2%) or blade thickness (±3%).
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Figure 4.18: Adiabatic wall temperature, Nusselt number and static pres-
sure correlation with the rotor pitch (left) and blade thickness (right) blade-
to-blade variations
Small geometrical variations of the rotor tip surface can significantly alter
the overtip flow topology as large pressure and velocity gradients occur over
the tight gap between the blade tip surface and the rotor shroud. However,
no apparent evidence of geometry irregularities could be found after careful
inspection of the rotor row. This means that the casing heat transfer pro-
cesses might be very sensitive to small variations of the rotor blade geometry
at the tip section.
A deeper analysis of Fig. 4.15 reveals that the adiabatic wall temperature
exposes a subtle trend in function of the rotor disk speed. The heat transfer
data were rearranged against the rotor speed at which they were acquired.
Fig. 4.19 shows the mean value of the adiabatic wall temperature maxima,
averaged over a rotor phase, i.e. 64 blades, while the ticked band represents
the data scatter contained within a 66% confidence level. The data collected
at additional speeds during the pre-rotation shown in Fig. 4.19 revealed
the existence of a relationship between the heat transfer and the rotational
speed. It has to be noted that, although the data distribution for the run-
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up at 6300 rpm manifests an excessive scatter due to a measurement error,
its mean value appears to be consistent with the trend visible in the other
datasets at different rotor speeds. Fig. 4.19 illustrates that local driver
temperature increases with the rotor speed in a non-linear fashion. It is
also observed that the blade-to-blade variation grows as the rotational speed
increases. Indeed, a significant unsteady heat flux component is observed on
the overtip region already at relatively low rotational speeds during the pre-
rotation phase. The experiments suggest that the unsteady heat generation
during the pre-rotation is probably related to a process dependent on the
peripheral tip speed magnitude.
Figure 4.19: Adiabatic wall temperature correlation with rotor speed
4.4 Models for overtip heat transfer predictions
4.4.1 Zero-dimensional overtip flow model
In order to understand the physical flow processes responsible for the high
adiabatic wall temperature fluctuations and support the analysis of the ex-
perimental data, a zero-dimensional model is proposed based on the Euler’s
work equation:
∆H0 = U (∆Vθ) = cp∆T0 (4.13)
Equation 4.13 relates the tip peripheral speed and the variation of the
absolute tangential velocity to a change in total temperature. The equation
is applied to the case of a pre-rotation measurement where the turbine test
is at low pressure and the flow time-averaged temperature can be reasonably
assumed to be close to the ambient temperature. As illustrated in the sketch
of Fig. 4.20, a particle in the test section will have approximately zero axial
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and tangential velocity in the absolute frame of reference in between two
blade passage events. In contrast, a particle in the proximity of the rotor
casing will be dragged by the rotor tip as a blade traverses and will acquire
a certain tangential speed. The velocity that the particle would achieve
can be reasonably assumed equal to the blade tip peripheral speed Vm = U ,
Fig. 4.20. Thus, the flow total temperature rise due to a blade passage can
be predicted as:




The calculation is performed at a number of rotational speeds and results
are reported in Table 4.5. Additionally, the above flow model can be used to
roughly estimate the increase of the total temperature due to the shear stress
work generated in the overtip region. A steady viscous flow is considered
between two parallel plates (the casing endwall and the rotor tip surface)
separated by a distance h, namely the blade tip clearance. This situation
corresponds to the well-known Couette flow and an analytical solution for
the velocity distribution inside the tip gap assuming a velocity U at tip
surface and zero velocity at the casing endwall can be derived. If no pressure
gradient exists in the moving-wall direction as it is the case for a run-up test,
the maximum flow temperature can be determined as:





Calculations show that the shear stress work only contributes for a small
amount (∼7%) to the overall predicted temperature variation. Comparison
with the experimental values of the blade-average peak adiabatic wall tem-
perature (to which a reference temperature of 300 K is subtracted) shows
a good match for the spinning up cases. However, the no-flow model fails
in predicting the blow-down levels. This indicates that the heat transfer
generation mechanism is essentially driven by the tip speed if no leakage
flow takes place across the blade tip.
On the other hand, the aerothermodynamics of the overtip flow can still
be described by applying eq. 4.13 to the blow-down case as originally pro-
posed in the work of Thorpe et al. [94]. The change in total temperature
corresponding to the work exchange between the rotor tip and the crossing
leakage flow can be expressed as:
∆T0 = T0,tip − T02 = 1
cp
U [(U +wtip sin δ) − V2 sinα2] (4.16)
where V2 and α2 are the absolute velocity and flow angle at the vane exit
and wtip and δ are the speed and angle of the leakage flow in the relative
frame, Fig. 4.20, right. Eq. 4.16 is used to calculate the rise in absolute
total temperature for a range of leakage flow relative Mach numbers and
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Figure 4.20: Model of the flow work process on the rotor tip for a run-up
test and a blow-down
Prediction Exp
RPM U ∆T Euler ∆T shear stress⋆ ∆T tot Taw − Tref
[rpm] [m/s] [K] [K] [K] [K]
1000 41.9 1.7 0.2 1.9 -2
3000 125.7 15.7 1.4 17.1 18
5000 209.4 43.6 3.9 47.5 51
6300 263.9 69.2 6.2 75.4 86
6790⋆⋆ 284.4 80.4 7.2 87.6 151
⋆h = 0.25mm
⋆⋆Test(flow − on)
Table 4.5: Predicted and experimental flow total temperature rise in the
overtip region for no-flow conditions
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flow angles at fixed vane exit conditions. Predictions are shown in Fig. 4.21,
left. This graph is used to estimate the tip leakage flow characteristics
that could explain the high adiabatic wall temperature variations observed
in the experiments. An overtip maximum temperature of about 450 K,
corresponding to the average experimental value, could be expected for a
tip leakage flow angle through the gap of about zero degrees (no tangential
speed component) and a variety of flow speeds. This would be in agreement
with relative flow angles that can be expected on the rear part of the rotor
profile where the blade load has greatly reduced. The model can therefore
provide predictions of the total temperature in the overtip regions for a given
tip leakage flow structure.
Figure 4.21: Predicted leakage flow absolute total temperature variations for
a range of Mach numbers and flow angles, temperature variations sensitivity
to change in tip leakage flow angle at different Mach numbers
The model was also used to roughly estimate the variation of the overtip
total temperature due to changes in tip leakage flow angle and speed induced
by different tip clearance levels. Even assuming a significant flow angle
variation of 30 degrees over a range of flow Mach numbers between 0.7 and
1.3, the largest predicted overtip temperature variation would not exceed
50 K, i.e. 10% of T01 (see Fig. 4.21, left). Fig. 4.22 shows the relative
Mach number and flow angle evolution across a rotor pitch at the mid-
gap section at 75% of the rotor chord predicted by the steady-state CFD
computation with a fixed tip clearance of 0.45 mm. This flow scenario is
expected to be representative of the largest tip clearance levels measured
in the experiments. The flow angle is nearly constant across the tip gap
(∼+10 deg.) and supersonic. According to the work process model, this flow
regime would correspond to an overtip total temperature of about 480 K,
10 K above the measured local flow temperature averaged over the 64 rotor
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blades with a mean tip clearance of 0.2 mm. This is an indication that
the expected overtip flow temperature variations induced by a tip clearance
change of 0.3 mm is limited. This analysis also supports the conclusion that
the large scatter of the blade-to-blade adiabatic wall temperature amplitudes
(50% of T01) cannot be exclusively originated by variations of the tip leakage
flow aerodynamics with the tip gap magnitude.
Figure 4.22: CFD prediction of the relative Mach and flow angle at the
rotor mid tip gap at 75%Cax,r for a tip clearance of 0.45 mm
4.4.2 Turbine design implications
In order to better understand the impact of the tip leakage aerodynamics on
the casing unsteady heat transfer, the sensitivity of temperature variations
to the tip leakage flow angle is investigated. Fig. 4.21-right illustrates how
the total overtip temperature would react to a change in leakage flow angle
at a given flow angle. It is possible to identify a region between -10 degrees
and +60 degrees where the total temperature change will be enhanced by
flow angle variations. In particular, at a working angle of about +30 de-
grees, a high leakage flow speed will magnify this effect. Therefore, a large
unsteadiness in the casing heat transfer can be expected at axial locations
where the tip leakage flows is within this angle range. Additionally, there
exists a range of flow angles between -20 degrees and +20 degrees for which
the induced total temperature variations will be practically unaffected by
the flow speed magnitude. On the contrary, a speed reduction for leakage
flows at angles lower than -20 degrees would result in higher overtip flow
temperatures closer to the vane exit total temperature.
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The physics associated with the overtip work processes offers turbine de-
signers a great potential to control the magnitude and uniformity of the
overtip thermal loads through optimization of the tip leakage flow aerody-
namics [110]. Designs targeting relatively low tip leakage losses at transonic
regimes [111] must therefore consider the effect of increased tip flow speeds
on the unsteady overtip heat transfer.
4.5 Conclusions
An experimental investigation of the time-resolved heat transfer on the cas-
ing of a transonic high-pressure turbine stage was conducted in a short du-
ration rotating rig at engine-like conditions. The heat flux was measured by
single-layer thin-film sensors at three circumferential locations around the
rotor casing endwall. The probe for heat transfer measurements is equipped
with a miniaturized heating system that allows varying locally the wall tem-
perature, thus the adiabatic wall temperature and the true Nusselt number
were determined. In order to support the understanding of the heat transfer
data, simultaneous measurements of unsteady static pressure and running
tip clearance were simultaneously performed at equivalent locations as for
the heat transfer.
The time-averaged adiabatic wall temperature was observed to vary 10 K
between two circumferential positions around the casing due to the vane
clocking. The Nusselt number has also been measured and its time-averaged
value showed slight variations depending on the casing position.
A large variation of the blade-to-blade time-resolved adiabatic wall tem-
perature and Nusselt number was observed. Local flow temperature peaks
40% higher than the turbine total inlet temperature were measured in the
overtip gap region. The fluctuations of the local driver temperature and Nus-
selt number exposed no plain correlation with the tip gap size in a range of
tip clearances between 0.3% and 0.9% of the blade span. On the contrary,
the static pressure field was strongly modulated by the tip gap size when the
rotor blade tip is loaded during a turbine test. However, the shroud static
pressure showed a clear match with the adiabatic wall temperature and heat
flux signatures during the rotor spinning-up phase. This indicated that the
blade-to-blade variability was likely to be generated by a flow mechanism
that was active in both the run-up and the blow-down experiments, inde-
pendent of the tip clearance size. The aerodynamic and heat transfer data
were also shown to be uncorrelated with rotor pitch and blade thickness
blade-to-blade variations which were measured in-situ.
The magnitude of the unsteady adiabatic wall temperature amplitudes
was also observed to be dependent on the rotor speed. A simple model based
on Euler’s work equation predicts the change of adiabatic wall temperature
for a pre-rotation test. The same model was adapted to describe the turbine
test case where strong tip leakage flows take place. Hence, overtip flow
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temperatures above the stage inlet temperature can be explained through
a simplified work process mechanism. The experimental 64-blade average
maximum flow temperature could be predicted assuming the tip leakage flow
had no tangential speed component across the rotor gap at 75%Cax,r.
The prediction tool is used to illustrate possible scenarios related with the
design of high-performance transonic blade tip sections. It is concluded that
high-load rotor blades can be designed with relatively low tip leakage loss
and reduced overtip thermal loads through optimization of the tip leakage
flow aerodynamics.
Chapter 5
Aero-thermal flow field of a downstream
multi-splitter LP vane
5.1 Introduction
Aero-engine designers pursue stringent objectives, increase component effi-
ciency to lower fuel consumption and environmental impacts, while reducing
engine size, weight and manufacturing costs.
Current and future design architectures rely upon the concept of ultra
high by-pass ratio aero-engines [112]. In this perspective, larger fan diame-
ters demand a reduction in rotational speed to maintain an acceptable tip
velocity. Hence, the low pressure turbine radius must be increased in order
to preserve high levels of efficiency [113]. Furthermore, to reduce the axial
length of the whole machine with larger radial offset, a swan-neck diffuser is
adopted to link the low-radius HP turbine to the high-radius LP guide vane.
Hence, the inter-turbine transition duct presents a high hade angle. This is
particularly evident in the first low-pressure vane or intermediate pressure
vane in a three-spool engine configuration (Miller et al. [114]). S-shape
ducts need improved design to minimize losses, prevent flow separation and
deliver uniform flow to the next turbine stage. Many investigations report
on the aerodynamic flow field in aggressive swan-neck diffusers. Among
them research on this topic has been carried out by Dominy et al. [115],
Miller et al. [33], Göttlich et al. [116], and Axelsson [117].
In conventional engine designs transition ducts are equipped with bulky
pylons that are used to support the engine frame, route service, oil piping
and instrumentation (Norris et al. [118]). The large size of the thick struts
represents an effective obstacle for the compressible flow released by the
high-pressure turbine, and high aerodynamic losses are generated in the
inter-stage diffuser. In a ulterior attempt to further reduce the low pressure
turbine size, the LP vane row is located inside the duct. Some fundamental
research was dedicated to the investigation of the flow field in ducts with
integrated struts and the interaction with an upstream turbine stage. Miller
et al. [119] carried out an experimental and numerical characterization
of the rotor flow migration through an inter-stage diffuser with integrated
turning vanes. Marn et al. [34] reported a similar study on a duct with 18
struts. Ubertini and Desideri [120] also investigated the effect of struts in
the transition duct performance. Britchford et al. [121] researched an outlet
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guide vane integrated duct at the fan.
In the frame of new engine architectures, an innovative stator for the
LP turbine is proposed and studied with a multi-profile configuration. The
conventional thick struts have been re-designed from an aerodynamic point
of view and included in the LP vane together with small aero-vanes. The
LP vane is placed inside an S-shaped transition duct downstream of a high-
pressure turbine stage. Fig. 5.1 displays the evolution of the multi-profile
row concepts and three possible architectures are shown in the plot. To
reduce the turbine length, the vane row is moved inside the duct closer
to the pylons (Fig. 5.1a). Higher aerodynamic performance can be achieved
through redesign of struts’ profile which provide also flow turning (Fig. 5.1b).
A compromise between the need for large structural airfoils and an efficient
aerodynamic low pressure vane can be found by including the two types of
profile into one single vane row (Fig. 5.1c).
Little research has been carried out on multi-airfoil rows and there is no
open literature on multi-splitter configurations applied to aero-engine tur-
bine components. The aerodynamics of a turbine low-pressure vane with
multiple profiles has not been previously studied at engine-like conditions,
and thermal investigations for this type of stator architecture is nonexis-
tent. One of the pioneer works on splitter vanes has been provided by
Zhou et al. [122, 123]. The airfoil design, blade placement and number
of splitter vanes to be used for such configuration were explained for the
case of impulse steam turbines. The authors investigated numerically the
three configurations shown in Fig. 5.1 and quoted a profile loss reduction
of ∼0.8% for the multi-splitter case with respect to the tandem profile ar-
rangement. In their work the authors proposed to maintain the same mass
flow to pass in every vane passage, i.e. the pitch must be the same for
each blade-to-blade channel. Numerical calculations also provided velocity
distributions and profile losses for three vane configurations with one, two
and three smaller aero-vanes. A numerical analysis was performed by Bar-
ber [124] on a non-uniform cascade to investigate the potential distortion
induced by the strut. Ng et al. [125] experimentally observed that the up-
stream potential field of a bulky strut, placed downstream of a stator, has a
stronger effect on the rotor pressure field than the stator itself. Kodama et
al. [126] studied a non-uniform spaced vane row to control and improve the
performance of the strut-stator system. Cerri et al. [127, 128] and Parry
et al. [129] suggest that rotor-stator-strut row interactions can be reduced
by using non-uniform re-staggering of the airfoils along the circumferential
direction. Ro et al. [130] proposed to control the horse shoe vortex genera-
tion by applying cut splittered vanes at the endwalls in between the blade
passage. However, multi-profile designs have already been applied to radial
turbomachinery. In particular, the use of splitter airfoils is common in radial
impellers. Miyamoto et al. [131] performed an experimental characteriza-
tion of centrifugal impellers with and without splitter blades in which the
pressure field and flow angle were presented. Tjokroaminata et al. [132] per-
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formed a design study for a radial turbine with splitter blades. The study
shows that the splitter blades give more flexibility for tailoring the loading
on the main blades. Asuaje et al. [133] numerically investigated the effects
of splitter blades on the velocity and pressure fields of a centrifugal pump.
Figure 5.1: Evolution of the multi-profile design
The quest for higher performances and durability for modern aero-engines
requires the understanding of the complex flow field experienced by the gas
turbine stages. The LP vane is tested in a one-and-a-half turbine environ-
ment and one of the objectives of the present work is to assess the effects
of the high-pressure turbine stage flow on the steady and unsteady perfor-
mance of the multi-splitter vane. The periodic convection of wakes coming
from the upstream stage and the unsteadiness introduced by the trailing
edge shock system have a strong influence on the flow field of the next blade
row. An intense research activity has been carried out by different research
groups on the characterization of the flow field of a single stage turbine.
Among them Giles [134], Hilditch et al. [7], Dénos et al. [135], Miller et al.
[8], Paniagua et al. [9]. Less work has been done on the effect of the HP
turbine on the downstream components and their mutual interaction. Bil-
liard et al. [30] investigated the effect of clocking on one and a half turbine
stage. The author reports the positive effect of the vane-vane interaction
on the LP stator performance when the first stator wake avenue impinges
on the leading edge of the second stator. Similar conclusions on the po-
tential benefit of clocking were drawn by other researchers in a number of
experimental and numerical studies (Reinmöller et al. [136], Bohn [137]).
Few works have treated specifically the interaction mechanisms between a
HP turbine and a second stator positioned in an s-shaped diffuser. In a nu-
merical investigation Davis et al. [138] described the effect of shock waves
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generated by the rotor on the flow field of the transition duct and in the LP
stator. Miller et al. [28, 31] experimentally investigated the potential in-
teraction of the downstream vane on the unsteady pressure field around the
rotor. Haldeman et al. [32] studied the effect of clocking on the unsteady
pressure loadings on a LP vane and on the inter-turbine duct.
The assessment of the heat transfer on the novel multi-airfoil configura-
tion is of crucial importance to design efficient cooling strategies for this
turbine component and optimize the thermal load distribution. Further-
more, the knowledge of the heat flux on the LP vane surfaces permits to
gain information on the boundary layer along the vane airfoils. Adequate
predictions of the boundary layer status and location of the boundary layer
transition point are necessary to evaluate the profile loss across turbine pas-
sages. The published research has provided insight into the heat transfer
mechanisms in a highly unsteady environment, flow migration across tur-
bine rows and wake and shock interactions. Ladisch et al. [139] investigated
the heat transfer related to pressure side recirculation bubbles in a linear
cascade. Additionally, Joslyn and Dring [140], Johnston and Fleeter [141]
and Blair et al. [142] performed experiments at low speed in multistage
configurations. Measurements of time-mean heat flux and aerodynamics are
seldom performed in 1.5 stage turbines, because of the necessary complexity
of the experimental setup. Only few works in the open literature report on
aerothermal measurements on a low-pressure vane component downstream
of a high-pressure stage: Jouini et al. [143] analyzed the stator and ro-
tor clocking in a scaled two-stage turbine configuration; Povey et al. [144],
Chana et al. [145] and Haldeman et al. [146] performed aerodynamic and
heat transfer measurements on an intermediate pressure vane downstream
of a high-pressure turbine in a rotating annular facility.
In the current study the flow field in the innovative multi-splitter stator
located downstream of a high pressure turbine was experimentally inves-
tigated in a engine-size research turbine. The turbine experiments were
carried out at three operating conditions. Time-averaged and time-resolved
surface pressure and heat transfer measurements were used to character-
ize the steady and unsteady aero-thermal performances. Additionally, the
performance of the multi-profile design was examined and compared with a
conventional single-airfoil stator geometry. This analysis is of utmost inter-
est for the design of compact s-shaped transition ducts with an integrated
structural low-pressure vane. The present investigation also aims at provid-
ing an experimental database to improve future civil aero-engine design and
validate CFD simulations and transition models.
5.2 Analysis of the LP vane aerodynamics
The aerodynamics of the second LP stator was investigated through steady
and unsteady static pressure measurements around the four vane profiles.
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Experiments were performed at three turbine operating points by varying
the turbine pressure ratio and the rotor speed.
5.2.1 Airfoil pressure instrumentation
The pressure loadings around the aero-vanes’ surfaces were measured lo-
cally by means of 19 pneumatic taps connected to piezo-resistive transducers
(Sensym 240-PC-006D), and 17 piezo-resistive pressure transducers (Kulite
type XCQ-062) distributed around 2 aero-vanes (Fig. 5.2, left). A structural
vane is equipped with 27 pneumatic taps and a second one is instrumented
with 25 piezo-resistive transducers. All the static pressure instrumentation
was located at mid-span of the airfoils. The number and locations of the
fast-response transducers were selected based on cost, sensor size, airfoil
machining, and minimum vane thickness. Fig. 5.2, right, shows the distri-
bution of the measurement locations around the vanes. The instrumented
airfoils could be easily mounted into the LP vane measurement sector which
comprises one strut vane and three adjacent aero-vanes. The LP vane air-
foils were extractable allowing fast interchange of the instrumented vanes at
different measurement positions. The kulite sensors were not flush-mounted
but recessed 0.4 mm underneath a 0.8 mm diameter pressure tap. This
instrumentation arrangement offers a better protection with a high spatial
resolution at the price of a limited frequency response due to the cavity
resonance at 35-40 kHz.
Figure 5.2: Extractable LP vanes and locations of the pressure sensors
The steady static pressure measurements were acquired with a sampling
rate of 1.5 kHz. The unsteady pressure signals, sampled at 300 kHz for
250 ms, were first high-pass filtered at 100 Hz and then amplified by 10.
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The slow-response piezo-resistive transducers were calibrated in-situ prior
to and after each facility run. The kulite fast-response pressure sensor were
calibrated applying the methodology for the temperature effect compensa-
tion described in chapter 4. The steady results are time averaged for a
duration of 40 ms. The unsteady raw pressure signals were low-pass filtered
at 35 kHz to remove any spurious oscillation linked to the measurement
system dynamics. The filtered signals were phase-locked averaged (PLA) at
the blade passing frequency over three rotor revolutions (192 blade periods)
to distinguish the deterministic periodic fluctuations from the random ones.
Frequency analysis on the unsteady pressure data was carried out by means
of the Fourier transform.
5.2.2 Time-average pressure field
Measurements of surface pressure around the structural vane airfoil along
the mid-span section are shown in Fig. 5.3, top, for the three operating con-
ditions. Pressure side and suction side pressure envelopes are plotted in sep-
arated graphs. The normalized measured static pressure at each gauge loca-
tion is plotted as a function of the normalized curvilinear abscissa (S/Smax).
The CFD predictions are also reported. Overall, the agreement with the ex-
perimental data is very satisfactory.
At Nom-Nom condition three regions can be identified in the strut pres-
sure distribution: in the front part of the airfoil (zone I ) a steep acceleration
occurs for both suction and pressure side promoted by the large curvature
of the strut leading edge and the positive flow incidence. Then, the flow
decelerates between S/Smax∼-0.10 and S/Smax∼-0.50 on the pressure side
(zone II -PS) and between S/Smax∼0.15 and S/Smax∼0.45 on the suction side
(zone II -SS). The increase of area in the transition channel is not counter-
balanced by the low curvature of the strut profile resulting in diffusion. In
the rear part (zone III ), the flow is well guided by both strut and small
aero-vane profiles. The turning imposed by the airfoils is enough to oppose
the diffusion generated by the inter-turbine channel and accelerates the flow
up to the geometric throat. The same considerations can be extended to
the pressure field measured at Low-Low off-design condition. At this regime
the load on the strut decreases being the turbine pressure ratio reduced.
When the turbine operates at Low-Nom regime, the rotor outlet flow
angle changes significantly. The flow impinges on the strut with a large
negative incidence (∼-26 degrees). Consequently, the flow separates on the
strut pressure side. Fig. 5.4a displays computed instantaneous turbulent
to laminar viscosity ratio contours. CFD indicates that the whole vane
passage is affected by the separation and the flow field of the adjacent aero-
vane is strongly altered. The recirculation region extends along the entire
strut pressure surface span. Fig. 5.4c presents numerical static pressure
distributions along two lines at the tip endwall. Line l1 runs near the strut
pressure side and follows the geometric middle passage between the strut
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and aero-vane C. Line l2 traces a similar path but through the passage
between aero-vane C and B. At the inlet of the s-shape duct, in the proximity
of the strut pressure side (line l1 ), the flow abruptly accelerates moving
around the vane profile and then separates. The static pressure plateau,
that closely follows the velocity peak at x/Lduct=0.15, identifies the size
of the recirculation bubble at the duct wall (0.16< x/Lduct <0.32). Once
the boundary layer reattaches the increasing annular cross section imposes
a steep pressure rise to the flow. In the aero-vane passage the flow re-
accelerates thanks to the turning given by the aero-vane profile. Conversely,
the static pressure evolution along line l2 is not affected by the separation
but shows a smooth pressure recovery up to the aero-vane leading edge
(x/Lduct=0.38).
Likewise, the detrimental effect of the flow instability can be clearly rec-
ognized on the strut pressure profile (Fig. 5.3, top right). The stagnation
point moves to the suction side (S/Smax=0.07). The flow abruptly ac-
celerates on the pressure side leading edge region. At S/Smax∼-0.15 the
boundary layer detaches because of the strong adverse pressure gradient
that closely follows the velocity peak. Similarly to what has been observed
at the tip wall, experimental data exhibit a constant static pressure region
between S/Smax∼-0.18 and S/Smax∼-0.35. Again, this gives an estimate of
the recirculation bubble extension affecting the strut pressure surface. At
S/Smax=-0.40 the flow reattaches and decelerates due to the combined effect
of low profile curvature and high diffusion imparted by the transition duct.
In the rear profile, the presence of the aero-vanes imposes a strong turning
to the flow (60 degrees) that accelerates up to the TE. On the suction sur-
face, the flow remains attached and smoothly accelerates up to the throat
region. Comparison between the numerical results and the measurements
show that the largest discrepancy is found at Low-Nom condition on the
pressure side profile. However, although CFD predicts lower static pressure
levels, the general trend is fairly captured.
The steady pressure fields around three small aerofoils are displayed in
Fig. 5.3, bottom. The presence of the large structural vane alters apprecia-
bly the aerodynamic field of the small vanes in the front part. The outlet
rotor flow structures are disturbed as the flow enters the low aspect-ratio
vane. The struts cause an evident blockage effect and worsen the circum-
ferential non-uniformity of the aero-vane inlet flow field. Hence, the flow
field in the aero-vanes’ leading edge region is distorted. Fig. 5.5 shows nu-
merical predictions of the absolute flow angle and Mach number variations
along a strut pitch in two axial planes, one upstream of the strut LE (plane
P01 ), one in between the strut and the aero-vane LE (plane P02 ). Both
the experimental and the CFD results confirm the existence of strong pitch-
wise gradients (flow incidence and flow velocity) at the aero-vane inlet flow
field induced by the strut vane. The surfaces adjacent to the strut profiles
(pressure side of vane A and suction side of vane C ) are the most affected.
The experimental results show large velocity peaks for aero-vane A on the
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Figure 5.3: Steady static pressure distributions on the stator strut (top)
and aero-vanes (bottom) at three operating conditions: Nom-Nom (left),
Low-Low (center) and Low-Nom (right)
Figure 5.4: Prediction of flow separation on the strut pressure side at Low-
Nom condition: a) instantaneous contour plot of turbulent to laminar vis-
cosity ratio at 50% span, b) Iso-surface of flow velocity, and c) casing static
pressure distribution at two circumferential positions
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pressure side measurements. This can be explained by the directed inlet
flow. The flow accelerates and turns as it follows the profile of the strut.
Thus, it impinges to the vane A with a locally large negative incidence as
confirmed by CFD calculations (α=-18 degrees, see Fig. 5.5a). The velocity
peak reduces for aero-vane B and C due to the decreased flow incidence.
The velocity peak on aero-vane A is nearly 3 times larger than the ones on
the other two aero-vanes. While the experiments show a similar pressure
drop on the front pressure side for aero-vane B and C, i.e. similar flow
incidence (see Fig. 5.3, bottom left), numerical computations seem to un-
derpredict the velocity peak at aero-vane C probably because the angle of
attack is slightly overestimated. On the suction surface the three aero-vanes
present similar trends. At Low-Low condition the vane load is different but
smooth flow accelerations are preserved. Indeed, both inlet flow angle and
Mach number follow the same trend observed for the Nom-Nom regime with
less severe circumferential variations, as shown in Fig. 5.5.
Figure 5.5: Numerical results for absolute flow angle (a) and Mach number
(b) variation along the circumferential direction at two axial planes upstream
and downstream the strut LE
Fig. 5.3, bottom right, presents the steady pressure distribution around
the LP stator aero-vanes at Low-Nom. The suction side of vane C is sub-
stantially affected by the flow structure distortion imposed by the structural
vane. The resulting velocity profile is dominated by a large velocity peak
in the leading edge neighborhood. The low-speed recirculation structure
obstructs a wide portion of the vane passage as clearly shown by CFD un-
steady calculations in Fig. 5.4a. The flow steeply accelerates on the vane C
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suction surface due to this blockage effect. In fact, the Mach number can
reach peak value above 0.5 in the middle passage adjacent to the strut PS
(Fig. 5.5b). However, the flow still attacks the three aero-vanes with neg-
ative incidence. The velocity peak measured on the aero-vane A pressure
side is very similar to what is observed for the positive incidence off-design
case, being the inlet flow angle and Mach number nearly unchanged (α=-25
deg, M0=0.26-0.28). On the other hand, the high-speed flow entering the
aerovane C - strut passage intensifies the acceleration rate on the vane C
front pressure side. The stagnation pressure measured at the vane C LE
at Low-Nom condition is therefore increased with respect to the Low-Low
regime. At negative incidence off-design regime the aerodynamic effect of
the structural vanes diminishes in the middle strut pitch. Although strut-
induced pitchwise gradients still exist, flow angle and flow velocity variations
between aero-vane A and B have tailed off. Hence, aero-vane B and A show
velocity peaks of comparable magnitude in the front pressure side. At the
rear part of the airfoils, the pressure levels are very similar and they merge
after S/Smax=0.40-0.50. This characteristic is present for all conditions.
The flow analysis of the multi-splitter LP vane has highlighted the main in-
teraction mechanisms occurring between struts and downstream aero-vanes.
The bulky structural vanes have been observed to cause a marked pitch-
wise aperiodicity on the aero-vane inlet flow. The investigation at off-design
regimes points out two important considerations. Firstly, the circumferential
gradient imposed by the strut on the aero-vane inlet flow angle always acts
in the same direction (increasing incidence from strut SS to strut PS), inde-
pendently of the rotor exit flow. Secondly, a dramatic variation of the LP
vane flow incidence (∆α=α3,lowlow- α3,lownom=45 degrees) does not change
significantly the pitchwise velocity distribution inside the strut passage un-
less a flow instability establishes. This can be observed in Fig. 5.5b by
comparing the Mach number variations in the vane passages adjacent to the
strut suction side and to the strut pressure side at Low-Nom and Low-Low
conditions.
5.2.3 Time-resolved pressure field
The unsteady performances of the LP stator are determined by the inter-
action with the upstream high-pressure turbine. The novel multi-profile LP
vane configuration introduces a strong mutual effect among the stator vanes,
in particular between the large strut vane and the small aero-vanes. The
discussion on the complex interaction mechanisms is based on the phase-
lock pressure fluctuations measured around the second stator surfaces for
the four vanes (strut and vane A, B and C ). Because of the large amount of
data (4 blades × 3 conditions × 17-25 sensor locations), the analysis is car-
ried out focusing on few key pressure sensors (02-04-07-10-11-14-16-18 for
the aero-vanes and 02-05-07-11-14-19-24-27 for the strut-vane) under nom-
inal regime. The investigation is extended to the two off-design conditions
5.2. Analysis of the LP vane aerodynamics 107
by comparing the minimum and maximum envelopes of the deterministic
pressure fluctuations together with the random component (rms).
In the present research the HP turbine works in the transonic domain at
design regime. While the HP stator exit is dominated by a shock system
(M2,hub=1.06, Table 2.7), the rotor outlet flow is highly subsonic (Mr3=0.87).
However, the rotor exit Mach number may experience unsteady excursions in
the transonic region when the rotor passes in front of the LP vane and shock
waves from the rotor TE may reach the front part of the large strut. Gadea
et al. [147] investigated the pressure field of a second stator downstream
the present HP turbine stage tested at similar flow conditions. The authors
calculated the rotor relative exit Mach number by means of a simple model
based on numerical and experimental data. They demonstrate that at 15%
span the rotor operates temporarily in the transonic domain. Shock interac-
tion was found to drive the unsteady interaction with the stator downstream.
The same model has been applied at the present case but at rotor mid-span
height. The method consists of using measurements of P02, Ps2, T02 and α2
performed downstream of the HP stator alone (Valenti et al. [148]) together
with the measured static pressure Ps3 downstream of the turbine stage. As-
suming no pressure losses across the rotor (P03r,is=P02r) allows calculating
the time-average flow quantities at the rotor exit. A detailed description of
the model and its validation is given in [11]. Fig. 5.6 displays the computed
rotor relative exit Mach number variation across a vane pitch (50% span).
It is shown that the outlet rotor flow remains subsonic.
Figure 5.6: Isentropic relative Mach number at the rotor exit, 50% span
Tiedemann and Kost [149] reports no rotor TE shock activity for the same
rotor geometry with higher degree of reaction resulting in a higher rotor exit
velocity (M3r=0.94). The large axial gap existing between the strut LE and
the turbine stage exit (Table 2.5) also contributes to weaken the pressure
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perturbations shed by the rotor outlet. Besides, the strut vane LE might
be positioned in a region such that pressure gradients are attenuated as
suggested by Hummel [14]. In Fig. 5.7 the pressure fluctuations measured at
leading edges of the strut and aero-vane B and C are compared. At the aero-
vane leading edges, located 1.56Cax,r downstream the rotor, larger pressure
variations than at the strut are measured. It is unlikely that compression
waves may travel far downstream in the stator passage and still cause high
pressure oscillations. It can be concluded that shock activity does not affect
the time-resolved pressure field of the LPV.
Figure 5.7: PLA traces at LE of strut and aero-vane B and C at design
condition
Experimental measurements of time-resolved surface pressure around the
LP stator airfoils are shown in Fig. 5.8 for design condition. The plot dis-
plays the time history of the LP vanes’ surface pressure as the rotor sweeps
one aero-vane passage. The pressure fluctuations are normalized by the inlet
total pressure (P01) and plotted against the rotor phase φr. The zero phase
corresponds to the time when the rotor blade stacking axis is aligned with
the leading edge of one aero-vane, the phase equal to 1 corresponds to the
time when the next rotor blade is aligned to the same aero-vane.
The measured unsteady surface pressure depends on the vane position.
The analysis of the periodic pressure distribution shows a complex evolution
in time. In the pressure traces up to four peaks per rotor passage can clearly
be distinguished. This behavior is marked on the leading edge and pressure
side of both the aero-vanes and the strut. The rotor unsteadiness does not
convect with the flow speed indicating that the rotor wake viscous effect
is not dominant on the pressure side. On the contrary, the suction side
variations assume a fundamental wave-like shape. The peaks are still present
but of small relative amplitude compared to the main pressure variation.
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The negative jet effect [150], caused by the sweeping of the rotor wake on
blade surface, helps to explain for this experimental observation. The largest
pressure fluctuations are measured at the LE of aero-vane B (7% P01 peak-
to-peak). On the strut LE the maximum variation amounts to 5% of P01
(sensor S11-S14 ), the same as for aero-vane A and C (sensor AV10 ). The
differences in terms of pressure amplitude and phase between the four vanes
become more relevant from leading to trailing edge. This characteristic is
more evident for the suction side gauges. On the pressure side, exposed
to the unsteadiness shed by the rotor, the fluctuations are larger (sensor
S05-07, AV04-07 ). On the pressure side the magnitude of the fluctuations
keeps almost unchanged (about 4-5% P01) up to the trailing edge. On the
aero-vanes’ suction side an attenuation is observed on the rear profile (sensor
AV18 ).
The experimental data show that the time-resolved pressure field struc-
tures vary remarkably depending on the LPV airfoil circumferential position.
Two main interaction mechanisms are responsible for this feature: firstly,
the presence of the large strut alters the transport and mixing out processes
of the unsteady flow structures generated by the upstream stage. The rotor
traversing across the strut leading edge region disturbs locally the static
pressure field in the rotor-stator gap. Secondly, there exists an ”indexing”
effect because the LP vane to HP vane count ratio is not an integer. It
is known that the phasing between rotor wakes and first stator wake av-
enues only depends on the clocking position [151]. In the present case each
LP stator airfoils is at a different relative position with respect to the first
stator (see Fig. 5.8); thus it experiences a different unsteadiness generated
by the HP turbine. It is acknowledged that clocking for optimum aerody-
namics occurs when the NGV wake impinges on the downstream stator LE
and some researchers related this to the clocking-induced unsteadiness vari-
ations. However, in these investigations contradictory results are drawn on
whether the random fluctuation level should be the highest [152, 153] or the
lowest [149, 154]. In the current investigation any attempt to isolate the
single contributions of clocking and strut-induced flow distortion based on
the periodic and random pressure fluctuations would be extremely difficult.
However, it must be remarked that the strut cannot generate additional
periodic unsteadiness, which is solely created by the movement of the ro-
tor row. Thus, the strut affects the unsteady LP vane in a similar manner
as clocking, i.e. the strut can only modify the spatial periodicity of the
unsteady structures.
An interesting finding of this research is the experimental evidence that
the adoption of a multi-splitter configuration does not affect dramatically the
unsteady aerodynamics of the LP vane. One can argue that the combined
effect of clocking and multi-body stator layout induces a spatial aperiod-
icity on the unsteady pressure field. Nevertheless, the strut time-resolved
pressure distribution does not show significant differences compared to the
aero-vanes. At the strut crown (sensors S11-S14 ), where the rotor distur-
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bances are expected to be stronger, the magnitude of the pressure variations
is in the same order of the ones measured on the aero-vanes (around 5% of
P01).
The unsteady aerodynamics of the LPV at off-design conditions is inves-
tigated by comparing the minimum and maximum envelope of the periodic
pressure variations measured at each sensor locations together with the asso-
ciated random unsteadiness (Fig. 5.9). The general structure of the unsteady
pressure field is very similar for all the conditions. When the pressure ratio
is reduced (Low-Nom), an overall drop of the pressure amplitudes (∼1.5-2%
of P01) as well as for the random fluctuations (∼0.5% of P01) is observed with
respect to the design regime. When the rotational speed is lowered to 4500
RPM the periodic and the random fluctuations are further reduced. The
leading edge region is most affected by a change in the operating conditions
due to the variation of the incidence angle. At design condition the highest
fluctuations are found for aero-vane B and the strut in the front part of the
profile. At Low-Nom condition the pressure fluctuations measured at the
LE of aero-vane A are as large as the one on the strut LE. The peak in aero-
vane B LE has disappeared. In fact, for this regime, the flow attacks the
LP stator with a strong negative incidence. Thus, the LE of aero-vane A is
directly exposed to the rotor unsteadiness while aero-vane B and C benefit
from the obstruction of the strut. At Low-Nom condition the strut pressure
side is affected by a wide separation zone. Fig. 5.4a illustrates the unsteady
behavior of the recirculation region. The extent of the recirculation zone
varies by the rotor movement. The turbulent low-speed fluid gathers on the
vane passage and it is periodically released to the downstream flow field.
The separation zone sweeps on the suction side of vane C almost impinging
on the vane crown. The pressure fluctuations experienced by vane C are
mostly influenced by the separated zone time scale. The periodicity dictated
by the rotor movement has a weak effect. Thus, high rms values (2.5% of
P01) associated to low pressure amplitudes are found for aero-vane C front
suction side. On the other hand, pressure oscillations, periodic with the
rotor movement, are dumped by the separated zone acting directly on the
strut pressure surface. That is why in this region low pressure magnitudes
and relatively low random variations are measured. The separated region
has a strong effect on aero-vane A which shows large pressure variations,
up to 7%, on the pressure side mid-chord. The shedding of the recircula-
tion structure alters the circulation around the strut blade and this may
intensify the interaction between the strut potential field and the rotor flow
unsteadiness. The pressure fluctuations are then enhanced on aero-vane A
and dumped for aero-vane C. At Low-Low conditions the intensity of the un-
steadiness is further reduced and the mean fluctuation level drops to ∼0.5%
of P01. All the three aero-vanes experience lower pressure fluctuations than
the strut in the leading edge region.
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Figure 5.9: Periodic pressure envelopes and mean rms along the LPV air-
foils for the three turbine regimes
5.2.4 Spectral analysis of the pressure field
The Fourier spectrum of the raw pressure measurements is used to determine
the relative size of fundamental and harmonic frequencies and to highlight
phenomena that are not rotor periodic. The frequency analysis is presented
for the LP vane profiles at the three tested conditions in Fig. 5.10. The plot
shows the amplitude of the normalized pressure for varying frequencies up
to 30 kHz. The blade passing frequency (7.2 kHz and 4.8 kHz for nominal
and low rotational speeds) and its harmonics are well captured.
At Nom-Nom condition, the fundamental frequency is stronger than the
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harmonics for almost all the gauges on the strut airfoil. However, the ampli-
tude content of the harmonics remains considerable up to the third (29 kHz)
and for some gauges it becomes comparable, if not larger, than the funda-
mental. This behavior is more evident for the three aero-vanes. The har-
monics amplitudes dominate the spectrum in a defined zone of the vanes’
profile. Indeed, the second and third harmonic show the highest peaks (0.2-
0.3% of P01) in a region between the middle pressure side (aero-vane A),
front pressure side (aero-vane B) and vane crown (aero-vane C ). The exten-
sion of this region is nearly the same for the three aero-vanes but its location
depends on the vane position. The large energy content of the harmonics
is reflected as several pressure peaks on the time-varying periodic signals in
Fig. 5.8. In the suction side and in the rear pressure side the blade passing
becomes the strongest frequency again. Additionally, at the rear suction
side at all positions low frequency components appear to increase in mag-
nitude towards the trailing edge. After the geometric throat the flow is less
guided and undergoes expansion in the vane passage. This might enhance
the boundary layer instability and account for the augmented low-frequency
pressure oscillations. The peak frequency and magnitude differ depending
on the position indicating a link with the multi-splitter stator configuration.
At vane A, the peak appears spread around 400 Hz whereas the peak fre-
quency increases to 600 Hz and 1000 Hz at vane B and C, respectively. On
vane C the peak size is in the order of the blade passing (0.2%) while for
the strut the levels remain relatively small (0.05%).
At off-design condition Low-Nom, the spectrum distribution shows large
differences for each airfoil. The fundamental frequency has the largest am-
plitudes on the suction side of strut and aero-vane A and C. On aero-vane B
suction side the amplitudes of the first and second harmonic are of the same
size as the blade passing frequency. On the pressure side, the second and
third harmonic present the largest amplitudes for strut and aero-vane A.
For aero-vane B and C the fundamental frequency and the harmonics show
approximately the same amplitude level. On the strut pressure side high
amplitude levels can be observed at low frequency. The peaks are spread
in a frequency band ranging between 500 Hz and 1600 Hz. Obviously these
large amplitudes are not related with the rotor passing event but are caused
by the separated flow region that affects the strut pressure side. The sep-
aration modifies the potential field of the strut and its effects extend up
to the vane crown. It is thought that the frequency band in which these
amplitudes manifest is imposed by the time-scale of the wide recirculation
zone. As shown in Fig. 5.4a, numerical calculations are capable of cap-
turing this phenomenon. The shedding of the recirculation zone seems to
have a periodicity of nearly four rotor passages (corresponding to the CFD
sampling period) corresponding to 1800 Hz (7240/4=1800) in the frequency
domain. Fair agreement exists with the experimental evidence. The effect
of the separation region extends its influence to the adjacent vane C. High
amplitude peaks are observed at around 1000-1200 Hz. On the vane crown
114 Chapter 5. Aero-thermal flow field of a downstream multi-splitter LP vane
the peaks are much stronger than any other frequency in the whole spec-
trum with magnitudes of 0.3-0.4% (sensor AV 11-12-13 ). The contraction
and spreading of the separation zone periodically modify the blockage in the
vane passage. Thus, the inlet flow of vane C strongly varies in terms of flow
speed and flow angle enhancing the pressure fluctuations.
When the rotor speed is reduced (Low-Low condition) the frequency spec-
trum structure changes once again. The peak amplitudes of the fundamental
frequency are globally smaller than for Nom-Nom and Low-Nom conditions.
The blade passing frequency (4.5 kHz) dominates only at the rear suction
side and at the vanes’ crown. The contributions of the harmonics vary ac-
cording to the vane position. In aero-vane B the 1st harmonic has a major
effect on the pressure surface whereas on the suction side the third harmonic
is as large as the fundamental. The spectrum distributions of aero-vane A
and C are similar with significant first harmonic amplitudes on the front
suction side. However, the largest peak amplitudes are observed in a wide
low frequency band spread between 200 Hz and 2000 Hz. The low frequency
content is present around all the vanes’ profiles. The strongest peaks are
found on the front pressure side of all the vanes. The size of the peaks
(0.08-0.1%) is also similar and generally higher than the blade passing. On
the pressure and rear suction surface, the amplitude of the low frequency
decreases around 0.03%. Indeed, a closer look reveals the presence of this
low frequency band also for Nom-Nom and Low-Nom conditions. The phys-
ical reason for this phenomenon does not seem straightforward and further
investigation is necessary.
5.2.5 Aerodynamic forces on the LP vane
The airfoil forces have been computed by integrating the measured time-
resolved pressures on strut and aero-vanes. A linear variation of pressure
has been assumed between the consecutive gauges. Fig. 5.11, left, shows
that the mean axial force is unaltered for all conditions and similar for the
three aero-vanes. The force fluctuation magnitudes are reduced when the
pressure ratio is lower. The strut, that has a lower acceleration rate, shows
lower axial force than the aero-vanes for all conditions. Likewise, Fig. 5.11,
right, depicts a similar level of tangential forces for all airfoils at Nom-Nom.
Aero-vane B has the lowest force variation, 8% of the mean level. The
separation at Low-Nom condition causes a negative tangential force on the
strut. When the rotational speed is lower, the mean level of the tangential
force on the strut is eight times smaller than the one at Nom-Nom turbine
operating point. Aero-vane A experiences the maximum variation over the
aero-vanes at Nom-Nom and Low-Nom. When tangential and axial forces
are obtained, the modulus of the force and the acting angle are computed
and depicted in Fig. 5.12. The airfoil forces are the largest at Nom-Nom due
to the higher pressure gradient across the vanes. Especially on the strut, the
force variations are quite significant as ±20% of the mean level. When the
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pressure ratio reduces, the mean levels of forces that act on the aero-vanes
decrease smoothly. The rotational speed does not have an influence on the
mean level but it affects the magnitude of the force oscillations. On the
other hand, the strut shows a negative force at Low-Nom due to the large
flow separation on the pressure side. When the flow incidence is corrected
by changing the rotational speed, the force becomes positive again and its
magnitude is drastically lower compared to the one at Nom-Nom. The
angular variation is rather small for the aero-vanes compared to the one
for the strut. The force angle on the strut changes significantly at Low-Low
conditions. However this variation is not dramatic since the force magnitude
is very small.
Figure 5.11: Tangential and axial forces on the four airfoils
The force acting on the whole LP stator row is derived by knowing the
airfoil force variation over a rotor phase. When the reference vane is at
rotor phase 0, the force of each vane at the stator row is interpolated using
Fig. 5.12 based on their position relative to the rotor blade. The stator force
is equal to the sum of each vane force at a certain position. If the position of
the reference vane is changed step by step over a rotor pitch, the stator force
variation is plotted. Fig. 5.13 shows the result of such calculation. When
the pressure ratio is lowered by approximately 35%, the forces applied on
the stator decrease by about 30%. Moreover the force variation reduces as
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Figure 5.12: Force modulus and angle acting on the four airfoils
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it goes from 9% of the mean level (Nom-Nom) to 7% of the mean level
(Low-Nom) and 2.5% of the mean level (Low-Low). The force angle almost
remains constant at Low-Low conditions. The total force variation depends
highly on the airfoil periodicity between two rows. If a periodicity exists like
the one in this study (64 rotor blades - 64 LP vanes: 1-1 periodicity), the
periodic vanes always experience the same force. Therefore, the number of
forces that define the total force at a given time is linked to the periodicity
of the stator. When the number of vanes in the periodicity increases, each
airfoil force is better distributed over a rotor phase. In such a case, the total
force variations are also dumped. The lowest fluctuations are achieved for
non-periodicity arrangement.
Figure 5.13: Module and angle of the total force acting on the LP vane row
5.3 Thermal loads through the LP vane passages
The time-average and time-resolved heat transfer on the multi-splitter LP
vane is presented here. The heat flux measurements are used to derive
the Nusselt number distributions along the vane profiles and quantify the
unsteady heat flux fluctuations. The boundary layer status and its evolution
across the LP vane passages is analyzed and the effect of the HP turbine-vane
unsteady interaction on the convective heat transfer levels is discussed.
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5.3.1 Heat transfer instrumentation and data reduction
Measurement of the heat transfer on the LP vane is performed with single
layer thin-film gauges which consist of thin platinum temperature resistors
fired onto a ceramic substrate. An extensive description of this type of
heat transfer sensors has been given in section 4.2.3.2 of this thesis. The
thin-film sensors are located at the airfoils’ mid-span section and Macor is
selected as the ceramic substrate. The entire blade could be manufactured
in ceramic for cascade testing (Arts et al. [155]), or inserts could be fitted
into metallic blades (Dénos, [99]). In the current measurement campaign, a
Macor insert is used to reproduce a portion of the vane airfoil which is fitted
into the remaining part of the metallic profile. Fig. 5.14, top, presents the
test specimens instrumented for the heat transfer measurements. A sketch
of the low pressure vane with the position of the sensors is also included
in Fig. 5.14, bottom, which allows the definition of the four stator passages
where the heat transfer is analyzed.
Figure 5.14: LP vane airfoils instrumented with single-layer thin film
gauges (top), definition of the LP vane passages ( A, B, C and D) and
location of the heat transfer gauges
The heat transfer was recorded during the turbine test duration using the
same settings applied for the sampling of the vanes’ static pressure mea-
surements. The wall temperature was finally derived from the thin-film
data following the processing methodology described in section 4.2.3.3. The
heat flux is determined from the wall temperature time-history using the
numerical solution of the unsteady heat conduction equation in the gauge
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substrate. In order to reconstruct the time-average heat flux distribution
around the vane profiles, the global approach developed by Solano and Pani-
agua [100] was considered. This data reduction technique consists of solving
the 2D unsteady heat conduction equation in the cross sectional area of the
vane, using as a boundary condition the reconstructed temperature history
provided by the thin film gauges in the contour of the airfoil. This method-
ology enables to account for radial conduction effects actually present at the
leading edge of the airfoil (Buttsworth and Jones, [156]) and for the failure
of the semi-infinite assumption in the trailing edge region.
A weighted residual (Galerkin) approach is used to derive the finite ele-
ment equations from the governing differential equation (eq. 4.2), as stated
by Rao [157]. The solution of the resulting algebraic system provides the
time-dependent temperature distribution inside the body and subsequently,
the normal heat flux to its external boundary:
Q̇w (x, y, t) = −kmacor ⋅ n⃗∇T (5.1)
Due to the complexity of measuring the adiabatic wall temperature in the
present experiment, the Nusselt number is expressed in function of the vane
upstream total temperature. The driving temperature (T03) is obtained
using the thermocouple probe placed upstream of the LP vane row at 50%
span-wise position. The local hydraulic diameter of the passages is chosen






To highlight the shortcomings of a purely one-dimensional approach, the
heat flux distributions along the aero-vane and structural vane profiles were
computed, prescribing the analytical wall temperature evolution in a flat
plate which applies to a heat flux step. This solution is reported by Doorly
and Oldfield [158] for a 1D semi-infinite substrate. Therefore, it discards
any lateral heat conduction phenomenon. Fig. 5.15a depicts this analyti-
cal wall temperature evolution evaluated for a Macor substrate and a wall
heat flux step Q̇w=30 kWm
-2 extended over 0.5 s. These magnitudes are
representative of the short duration tests in the compression tube facility.
Fig. 5.15b presents the wall heat flux evolution retrieved by the 1D solution
of the heat conduction across the Macor substrate (Iliopoulou et al., [159])
and the equivalent result obtained in the stagnation point of the aero-vane
with the 2D methodology of Solano and Paniagua.
Whereas the solution of the 1D semi-infinite substrate fully reconstructs
the wall heat flux step, the 2D solution decays short after the commence-
ment of the test, owing to the radial heat conduction effects present in the
stagnation point of the aero-vane. At tf= 0.5 s, the 2D solution is 16.6%
lower than the prescribed heat flux at this position. The heat flux distri-
bution at the end of the test is shown in Fig. 5.15c for the aero-vane and
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Figure 5.15: Comparison of 1D and 2D heat flux distribution on a vane
profile: a) Analytical wall temperature evolution for an heat flux step b) wall
heat flux computed in 1D and 2D ceramic substrates c) 2D computation of
the wall heat flux around the aero-vane and strut airfoils d) 2D computation
of the wall heat flux and substrate temperature distribution
for the structural vane. The results show that the expected heat flux step
is reconstructed in wide regions of the pressure and suction sides of both
airfoils during the whole test duration, proving that these regions fulfill the
1D hypothesis. As previously shown, the wall heat flux evolution around
the leading edge does not comply with the 1D model. However, the cur-
vature effects are less pronounced in the structural vane as a result of the
higher leading edge radius. The results in the trailing edge of the airfoils
also underpredict the 1D solution by approximately 25%, owing to the fail-
ure of the semi-infinite assumption for the reduced airfoil thickness. The
present methodology solves the 2D effects, relevant to critical sensors of the
airfoil. Fig. 5.15d depicts 1D and 2D heat flux distributions around the first
aero-vane (passages A-B) at nominal turbine operating conditions. The
temperature distribution in the cross sectional area of the airfoil reveals the
lateral heat conduction phenomena present in the stagnation point. The
temperature diffusion phenomena that actually occur in the trailing edge of
the airfoil also justifies the adequacy of a 2D approach for a turbine blade
heat transfer calculation.
The flow conditions across a vane passage are modulated by the peri-
odic movement of the rotor blades occurring at the blade passing frequency
and therefore the heat transfer measurements contain frequencies related to
the rotor flow disturbance. Hence, the unsteady heat flux is analyzed by
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decomposing the unsteady fluctuations into two fundamental components:
the deterministic time-periodic heat flux fluctuations induced by the rotor
movement that repeat for each blade passage or each rotor revolution; the
random heat flux unsteadiness generated by random features in the flow
such as turbulence.
The effect of the rotor passing event on the deterministic heat flux un-
steadiness is revealed by the frequency spectrum of the wall temperature
unsteady signal. Fig. 5.16 shows that the unsteady heat transfer in the low-
pressure vane is dominated by the rotor unsteady flow field. The highest
frequency content is found at two dominant frequencies corresponding to 1
and 64 rotor blade events per revolution. The heat flux variation happening
at the rotor speed frequency implies that the low-pressure vane is exposed
to different flow conditions at each rotor blade passage. These differences
are originated by the blade-to-blade variability of the rotor geometry which
imposes perfect periodic conditions only once per rotor turn. The blade-
to-blade heat transfer variations are mainly engendered by changes of the
rotor blade tip gap size which result in tip leakage jets and vortices with
different temperature and strength. Additionally, variations of the blade
passage geometry and rotor trailing edge thickness may alter the size and
the energy of the 2D unsteady structures shed at the rotor outlet. The 64
events per revolution reveal interactions caused by the passage of each rotor
airfoil, namely the potential flow field, wake and compression waves.
Figure 5.16: Typical frequency spectrum of an unsteady wall temperature
signal on a LP vane airfoil
The current analysis concerns the time-periodic component of the un-
steady measurements. The unsteady deterministic heat flux is obtained
through application of phase-locked averaging performed on a dataset that
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includes three full rotor revolutions and thus, 192 rotor blade passage events
are used to form one phase-locked average signal. The ensemble averaging is
performed at the blade passing frequency since the final goal of the measure-
ments is to assess the contribution of the rotor-induced flow unsteadiness on
the LP vane unsteady heat flux.
The data reduction procedure is illustrated in Fig. 5.17. The final step
demonstrates the results of the time-resolved heat flux compared with the
original raw unsteady signal. The method commences with the analysis of
the raw unsteady wall temperature (Fig. 5.17a) where the rotor speed is
selected as the dominant frequency for the fluctuations which repeat every
rotor turn. Therefore, the unsteady wall temperature signal is ensemble
averaged on a time period corresponding to a full rotor revolution, Fig. 5.17b.
The phase-locked trace contains 64 oscillations, each of them generated by a
certain rotor blade. Based on the ensemble average of the wall temperature,
the rotor-periodic heat flux is determined over one full rotor revolution,
Fig. 5.17c. It has to be noted that the low-frequency oscillations in wall
temperature are naturally dumped in the conversion to heat flux. As the
heat flux is a function of the time derivative of the wall temperature, high
frequency temperature fluctuations result in larger unsteady heat flux for
the same temperature variation. Fig. 5.17d finally presents the ensemble
average of the 64 heat flux oscillations over one rotor revolution, i.e., the
phase-locked averaged heat flux for a blade passing event. In this case, the
good agreement between the raw and the periodic signal indicates a low
contribution from random unsteadiness.
5.3.2 Mid-span time-average heat transfer
The experimental investigation was carried out at three turbine operating
conditions which have been reported and described in chapter 2. The time-
average heat flux measured on the four airfoils of the LP vane is first studied
at design conditions (Nom-Nom condition) where the low-pressure vane is
choked. The effect of reducing the pressure ratio is studied at nominal rota-
tional speed (Low-Nom condition) and at lower speed (Low-Low condition).
Due to the multi-splitter architecture of the low-pressure vane, the large
structural vane alters substantially the flow field entering the aero vanes,
notably at the passages next to the structural vanes (passage A and D).
Therefore, the analysis is carried out considering the heat flux distribution
on each of the four vane passages. This in contrast with the common ap-
proach adopted for conventional mono-profile stator geometries where the
heat flux evolution is studied referring to a single airfoil (suction and pres-
sure side) and not to a vane passage.
The measured time-mean heat flux is confronted with well-known corre-
lations of local Nusselt number for simultaneously developing flow in ducts
subject to uniform heat transfer. The solution for laminar developing flow
is accounted for with the correlation of Churchill and Ozoe [160]:
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Figure 5.17: Data reduction for the unsteady vane surface heat flux: a)
raw unsteady wall temperature b) unsteady deterministic wall temperature
over one rotor revolution c) unsteady deterministic heat flux over one rotor
revolution d) phase-locked average heat flux at the blade passing frequency
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In turbulent flows, the solution proposed by Bhatti and Shah [161] is
adapted for the computation of the local Nusselt number:
Nux
Nu∞





where Nu∞ denotes the fully developed Nusselt number.
Static pressure (Ps/P03) and Nusselt number distributions along the mid
height channel are depicted in Fig. 5.18, at nominal conditions. The static
pressure distribution describes the pressure gradient driving the boundary
layer development. Local values along pressure side and suction side of
passages A, B, C and D are presented as a function of the axial coordinate
x/Cax,strut.
The highest heat flux level is measured in the stagnation region, where
the boundary layer begins to develop. Maximum values of Nusselt number
of the order of 2000 are found at the leading edges. In the front section of
the passage a steep acceleration occurs for both the suction and pressure
sides. Hence, the Nusselt number decays abruptly as the laminar bound-
ary layer develops along both sides of the passage. The comparison with
the data correlation helps to identify the transition location in each side.
Along passage A, a sudden increase of the Nusselt number in the pressure
side for x/Cax,strut∼0.15 indicates transition onset with further turbulent
boundary layer development. This is caused by the flow deceleration from
x/Cax,strut∼0.1 to x/Cax,strut∼0.5 inferred from the pressure distribution.
Such adverse pressure gradients promote the onset of transition, resulting
in heat transfer enhancement. This onset of transition is also noticeable by
a peak in the rms of the unsteady data. The further acceleration of the flow
from x/Cax,strut∼0.5 towards the rear part of the pressure side stabilizes and
thickens the turbulent boundary layer, leading to a decrease of the Nusselt
number. Along the suction side of the passage, the Nusselt number decreases
continuously from the leading edge of the aero-vane up to x/Cax,strut∼0.8.
This evolution is well predicted by the laminar correlation (eq. 5.3), with
the exception of the gauge located at the leading edge of the aero-vane, sub-
mitted to the stagnation of the flow that approaches the aero-vane. From
this point towards the rear part of the suction side, transition occurs and
further thickening of the turbulent boundary layer is observed.
Concerning passage B, the Nusselt number distribution along the suc-
tion side in nominal conditions presents a similar pattern to that reported
for passage A, with an earlier onset of transition at x/Cax,strut∼0.7. It
126 Chapter 5. Aero-thermal flow field of a downstream multi-splitter LP vane
is worth noting that both correlations predict accurately the local Nusselt
number values in regions where the boundary layer is purely laminar or
turbulent, respectively. In the front part of the suction side, the Nusselt
number decreases continuously from the leading edge up to x/Cax,strut∼0.7,
indicating the growth of a laminar boundary layer. Further enhancement
of the Nusselt number towards the rear part of the suction side reveals the
onset of transition and the development of a fully turbulent boundary layer.
Pressure measurements along pressure side of passage B indicate that large
velocity peaks occur in the front side of the passage. The adverse pressure
gradient promotes early transition to turbulence in the pressure side, at
x/Cax,strut∼0.5, From this point onwards, turbulent boundary layer stabi-
lized and thickens progressively, leading to a decrease of the local Nusselt
number. Passage C shows a similar scenario to passage B on the pressure
side heat transfer. However, on the suction side the onset of transition to
turbulent boundary layer is delayed and occurs only at the rear part of the
profile (x/Cax,strut∼0.9) when the flow starts decelerating downstream of the
aerovane passage throat.
In regards to passage D, the transition onset in the suction side is found
at about x/Cax,strut∼0.15, corresponding to the flow deceleration observed
in the pressure distribution. The increase of area in the transition channel
is not counter-balanced by the low curvature of the structural vane profile
in that zone, resulting in diffusion. The turning imposed by the airfoils is
enough to oppose the diffusion generated by the inter-turbine channel and
accelerates the flow up to the geometric throat. The heat transfer charac-
teristics along the pressure side of the channel is similar to that observed in
passage B.
When the turbine operates at off-design pressure ratio and design rotor
speed conditions, the rotor outlet flow angle changes significantly. The flow
impinges on the structural vane with a large negative incidence (-26 de-
grees). The detrimental effect on the aerodynamics is clearly visible on the
pressure profile: the stagnation point moves towards the suction side in all
passages as displayed by Fig. 5.19. The pressure levels are very similar at
the rear part of the passages. Regarding passage A, the flow abruptly decel-
erates on the pressure side at x/Cax,strut∼0.1. This results in boundary layer
detachment because of the strong adverse pressure gradient that closely fol-
lows the velocity peak. Early transition to turbulence in the suction side
is promoted at approximately x/Cax,strut∼0.65. The flow approaching to-
wards the suction side is also over accelerated, and impinges in the leading
edge at higher velocities than for the other aero-vanes. This effect enhances
the heat flux in this region. The separated region extends along most part
of the structural vane pressure side, which is supported by both the CFD
simulations and oil visualizations presented in Fig. 5.21. The detached flow
region evidently affects the suction surface. The flow distortion imposed by
the low-speed recirculation structure obstructs a wide portion of the vane
passage. Hence, the resulting suction side velocity profile is dominated by a
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large velocity peak in the leading edge. The Nusselt number distribution re-
veals the poor performance for this operating regime. The front part of the
pressure side presents local values of Nusselt number higher than those found
at the leading edge, due to the separation of the boundary layer. Reattach-
ment and development of the turbulent boundary layer is found for values of
x/Cax,strut∼0.5. Owing to the blockage effect originated by this low-velocity
region, the flow is steeply accelerated along the suction side of the passage
A. The flow still approaches the aerovane with a negative incidence, and
early transition is promoted from x/Cax,strut∼0.6 to x/Cax,strut∼0.75. On
passage B, the trend is similar to the nominal conditions, although the flow
still approaches the aero-vanes with negative incidence. Thus, the velocity
peak on the pressure side is larger than what has been measured for the
nominal conditions. Passage C is the least affected by the change of the
turbine pressure ratio. The Nusselt number distribution along the passage
closely resembles the levels observed in passage B with slightly lower heat
flux on the pressure surface.
The heat flux on the LP vane passages at Low-Low conditions is shown
in Fig. 5.20. Overall, the levels of Nusselt number in the aero-vane passages
remain nearly the same as in the design conditions. The heat flux past the
strut surfaces is observed to decrease by almost 25-50% as a consequence
of the reduced flow speed at positive flow incidence. The largest effect of
pressure ratio and positive flow incidence is found on the Nusselt number
evolution of the two central passages. With respect to the design case, the
suction side of passage B and C experience earlier transition to turbulent
boundary layer, at x/Cax,strut∼0.5 and x/Cax,strut∼0.6 respectively. This is
thought to be caused by the slightly higher flow incidence at the aerovane
front part and mostly by the reduced favorable pressure gradient as the flow
speed has decreased.
The correlations reported in eq. 5.3 and eq. 5.4 agree with the experimen-
tal observation, which is more evident for passage B and C where the flow
is guided by both aero-vane surfaces, thus closely resembling the flow in a
pipe. As expected, the central passages appear to be the most efficient in a
multi-profile stator configuration from a heat transfer point of view. For all
passages, the abrupt decrease of the Nusselt number due to the thickening of
the laminar boundary layer is also well predicted. Overall, the experimental
data are found to lie within the heat transfer levels estimated by the laminar
and turbulent correlations. Therefore, results give confidence that Nusselt
levels predicted by correlations for laminar and turbulent flow in a pipe may
still provide an effective indication of the heat transfer variations found in
turbine rows. Additionally, the static pressure distributions provide a guide-
line to assess the onset of boundary layer transition. On the other hand, the
largest discrepancy between the correlations and the experimental data is
found in the region where transition occurs, suggesting that the correlations
are only valid for fully laminar and turbulent boundary layers.
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Figure 5.21: Mach number distribution and streamlines at 50% span at off-
design Low-Nom conditions (left), flow visualization of the separated region
on the structural vane pressure side (right)
5.3.3 Mid-span time-resolved heat transfer
Fig. 5.22 displays the Fast Fourier Transform (FFT) of the heat fluxes at
design and off-design (Low-Nom condition) in several gauges across the pas-
sages, in the range of frequencies between 0 to 25 kHz. The fundamental
frequency of the rotor blade passing and two harmonics are well captured
in the measurements. The amplitude of the fundamental frequency tends to
increase along the suction side. This phenomenon is related to the boundary
layer status. As it is shown in the time averaged results, once transition oc-
curs, the boundary layer becomes more energetic and the convective terms
are stronger than in a laminar boundary layer. In a laminar boundary layer
the amplitude of the unsteadiness is low in comparison to a turbulent bound-
ary layer, due to a lack of convective movement towards the wall. The high
convective movement in a turbulent boundary layer enhances the transport
of the external fluctuations towards the wall. At off-design conditions, the
blade passing frequency is also noticed in the FFT, where a frequency band
at around 1 kHz appears on the suction side of passage A. This frequency
band is related to the appearance of a separation bubble in the pressure
side of the structural vane and its effect is particularly visible on the front
suction side of aerovane C adjacent to the strut airfoil.
This information can be translated to the phase domain in order to have
information of the different phenomena and their relative position in phase.
Fig. 5.23 displays the time resolved fluctuations along the suction side in
passages A and C. The heat flux shows a similar trend along the rear suc-
tion side of the two aero vanes. All heat flux signals are characterized by
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a clear peak as one rotor blade sweeps one aero-vane pitch. The ampli-
tude of the heat flux peak grows larger from the aero-vane mid passage,
2-3 kWm-2, towards the trailing edge, where the heat flux rises to approx-
imately 8 kWm-2. In Fig. 5.23 the dotted line shows the location of the
local maximum in the heat transfer traces along the rear suction side of
passages A and C. It should be noted that the heat flux fluctuations do not
manifest any convective pattern. As the rotor sweeps across on vane pitch,
the perturbation that originates the heat flux variations appears to move
upstream. Therefore, the unsteady heat flux field in the low-pressure vane
is governed by a potential interaction between the rotor and stator rows.
Figure 5.22: Frequency spectra at design and off-design ( Low-Nom) con-
ditions
The viscous effects due to the sweeping of the unsteady rotor wake in the
rear suction side are not observed in the time-resolved data at the blade
passing frequency. Additionally, the time-resolved heat transfer data differ
depending on the airfoil position relative to the structural vane. The large
airfoil generates a strong potential field that locally modifies the interactions
between the unsteady flow structures periodically released at the rotor outlet
and the aero-vanes.
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Figure 5.23: Phase-locked averaged heat flux on two different passages at
design conditions
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5.4 Loss analysis of the multi-profile LP vane
In this section the aerodynamic performance of the low-pressure multi-
splitter vane is numerically investigated using 3D Reynolds-Averaged Navier-
Stokes computations. The main goal of this study is to evaluate the aero-
dynamic behavior of the multi-profile architecture when the HP turbine
operates at off-design conditions. In addition, numerical simulations are
employed to assess the impact of the bulky strut profile on the losses and
outlet flow quality of the stator in comparison with a conventional single-
airfoil stator geometry.
5.4.1 Numerical campaign and CFD calibration
The simulations were performed at design and off-design conditions on two
LP vane geometries: the first geometry has a multi-splitter layout (Model 1,
experimentally investigated) and the second one has a conventional design
with only aero-vane profiles (Model 2, derived from the multi-splitter vane
geometry). Extensive description of the CFD settings and details of the
mesh topologies have been given in section 2.4. Four numerical runs were
performed for both models varying the turbine operating pressure ratio at
constant rotor speed (6790 rpm). The investigated turbine flow conditions
are summarized in Table 5.1. Case 02 and 04 reproduce two experimental
test conditions, Nom P/p - Nom speed and Low P/p - Nom speed respec-
tively. In Case 01 the flow from the HP turbine stage enters the LP stator
with a positive incidence with respect to the design case. As the pressure
ratio (total-to-static) is reduced, the rotor outlet flow enters the LP vane
with increasing negative flow incidence.
Multi-splitter Design (model1) Conventional Design (model2)
1 2⋆ 2exp 3 4 4exp 1 2 3 4
P4/P01 0.22 0.27 0.27 0.37 0.48 0.48 0.22 0.27 0.37 0.48
P03/P01 0.36 0.38 0.38 0.45 0.55 0.55 0.36 0.38 0.45 0.54
M03 0.4 0.37 0.32 0.29 0.4 0.38 0.32 0.3
α3 -13 -7 12 32 -13 -8 11 30
M04 0.86 0.71 0.53 0.4 0.86 0.71 0.53 0.41
α4 64 63 62 59 64 63 63 62
⋆Design Condition
Table 5.1: Summary of the CFD test matrix with flow quantities at mid-
span
The solver is first calibrated using experimental data. Airfoil loadings and
downstream pressure fields are compared for both models. The pitchwise
static pressure distribution is measured at the exit of the rotor and at LP
stator outlet, respectively at 0.45Cax,r (plane 03) and 3.96Cax,r (plane 04)
downstream of the rotor trailing edge. The measurements are taken over
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a strut pitch at two different peripheral locations in order to monitor the
circumferential periodicity. Then, they are duplicated to cover 1.5 pitches.
Data are normalized by the inlet total pressure at mid-span to account for
test-to-test variations. Pitchwise static pressure distributions measured up-
stream of the LP stator are presented in Fig. 5.24. The different symbols
are used to distinguish two peripheral locations. The CFD predictions for
the multi-splitter vane model are in good agreement with the experiments
both at hub and tip. The strut vane is observed to sensibly alter the aero-
dynamic potential field close to the rotor outlet. This is due to the large
size of the airfoil and its proximity to the rotor blade row. The pitchwise
static pressure in plane 03 at the shroud endwall clearly shows a pressure
variation (approximately 2% of P01) along a strut vane pitch (Fig. 5.24). At
the hub endwall the static pressure variation becomes weaker since the strut
leading edge is located further downstream than at tip.
Figure 5.24: Pitchwise pressure distribution upstream of the LP vane at
hub (left) and tip (right)
Fig. 5.25 depicts the static pressure distribution downstream of the LP
stator at hub and tip endwalls. The LP stator outlet shows a rather uniform
pressure distribution except for Case 01 when the second stator outlet is
transonic close to the hub region. Numerical predictions indicate that the
splitter configuration causes a slight variation on the downstream pressure
field only at higher outlet Mach number (Case 01 - hub). The presence of
the strut vane causes the outlet flow speed to reduce at a strut phase of 1.
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Figure 5.25: Pitchwise pressure distribution downstream of the LP vane at
hub (left) and tip (right)
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The predicted airfoil static pressure distribution for all cases is plotted in
Fig. 5.26 at mid-span. Good agreement is achieved with the experimental
data (Case 02-04). At design conditions (Case 02), flow accelerates rapidly
at the leading edge region due to curvature effect. The flow that enters
the strut passage maintains its speed until it enters the aero-vane passage.
Then, it speeds up into the aero-vane passage smoothly until the trailing
edge. Comparison between the multi-splitter and the conventional LP vane
geometry shows that the strut airfoils primarily affects the flow field in
the aero-vanes crown region. In fact, the struts modify the aero-vanes’
incidence angle depending on the aero-vane’s circumferential position since
the flow is turned inside the strut passage upstream of the aero-vanes (see
section 5.2.2). When the stator runs at low pressure ratio, the incidence
angle changes drastically from -7 degrees to +32 degrees, which causes a
high diffusion rate close at the shroud due to the coupled effect of the s-
shape duct area increase and leading edge curvature. Therefore, the flow
separates on the pressure side of the strut.
Figure 5.26: Static pressure distribution around the three aero-vane and
strut at mid-span
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5.4.2 Impact of the multi-airfoil geometry on the vane
outlet flow
Fig. 5.27 represents the flow angle difference between the conventional LP
vane geometry and the multi-profile configuration over a strut pitch. In
the conventional vane model the flow angle in the circumferential direction
remains uniform from the rotor outlet plane plane (plane 03) till 10% of
the aerovane axial chord upstream of the aerovane leading edge; from that
point onwards, each vane experiences similar distortion. On the contrary,
in the multi-profile model, the strut profile already causes a perturbation
of the flow angle immediately downstream of the strut passage entrance
(1.54Cax,r). However, the outlet flow remains uniform for both configura-
tions, except in the case where a large separation occurs on the strut pressure
side due to the high negative flow incidence (multi-splitter model, case 03
and case 04).
Figure 5.27: Pitchwise flow angle distributions for multi-splitter and con-
ventional vane geometries
Fig. 5.28 and Fig. 5.29 plot the total pressure field at the outlet plane
(plane 04) of the two LP vane models. The multi-splitter configuration
generates different flow fields at the outlet of each stator passage. The effect
of the multi-airfoil design is easily observed by comparing the total pressure
maps of the two flow passages adjacent to the strut vane (S ) pressure side
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(flow passage S-C ) and suction side (flow passage S-A). This dissimilarity
in the outlet flow field is found to be significant at all the investigated
turbine regimes. However, the flow in the passages between the aero-vanes
(B-C and A-B) does not suffer any strong change and keeps very similar
to the aerovane-alone model. A positive flow incidence on the strut profile
(Case 01) does not affect the quality of the outlet flow field. The flow is
transonic close to the hub region. The trailing edge shock system causes a
low pressure region. The structural-vane shock system has a stronger impact
on the pressure field when the incidence angle becomes positive.
Figure 5.28: Non-dimensional total pressure field downstream of multi-
splitter and conventional LP vane models for CFD case 01 and 02
Due to the large thickness of the strut profile, the strut airfoil is very
sensitive to negative flow incidence (Case 03 and 04). The displacement
of the stagnation point towards the suction side, the combination of large
leading edge curvature of the strut vane and the high diffusion rate at the
tip endwall triggers the flow separation in the vane passage S-C, Fig. 5.21.
The separation starts close to shroud region when the flow angle goes from
-7 degrees to 12 degrees (case 03) as shown in Fig. 5.29, top. This region
tends to migrate towards the mid-span when the pressure ratio is further
reduced (case 04). The separation bubble almost blocks the upper half of
the channel between the strut airfoil and aerovane C. The blockage effect
reduces the effective flow area so that the flow accelerates more on the lower
half of the passage. On the other hand, the conventional design is free of
any separated flow and shows insensitivity to the inlet flow incidence for the
140 Chapter 5. Aero-thermal flow field of a downstream multi-splitter LP vane
Figure 5.29: Non-dimensional total pressure field downstream of multi-
splitter and conventional LP vane models for CFD case 03 and 04
investigated off-design conditions.
5.4.3 Performance evaluation and comparison
5.4.3.1 Methodology for the performance estimation
Traditional performance evaluation methods focus on the flow analysis around
an airfoil. However, such approach is not useful for innovative geometries
with non-periodic passages. In the case of non-periodic flow generated by
a multi-profile architecture, the pressure losses are evaluated on a domain
that includes the ducted passage between the suction side and the pressure
side of two neighboring airfoils. The use of this procedure allows the anal-
ysis of the streamlines through the passage and the estimation of the losses
associated with them. The domain limits are defined at the inlet and outlet
planes of the LP vane using streamlines on blade to blade cuts at 27 dif-
ferent radial locations. At both inlet and outlet planes the rectangular flow
channels are generated using the span-wise domain limits of two consecutive
blade-to-blade cuts. The radial profiles of the flow properties are obtained
by performing pitchwise and mass averaging in each individual rectangular
channel. The height of the stream tubes at the inlet and the outlet are
adjusted considering a mass flow balance.
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5.4.3.2 Pressure losses
The kinetic losses were computed according to Traupel [162]:












Eq. 5.5 is used to compute the loss coefficient on each stream-tube along
the span-wise direction. The size of the stream-tubes in the circumferential
plane is adjusted according to the mass flow distribution in the four differ-
ent vane passages characterizing a full LP vane pitch (multi-splitter vane
design). The same procedure is also applied for the conventional design
case for comparison purposes. Inlet conditions are extracted downstream of
the mixing plane. Hence, the inlet plane is slightly shifted downstream of
plane 03 to avoid calculations to be performed on the CFD domain interface
where the mixing plane is located. The outlet conditions are taken at the
measuring plane 04 (Fig. 5.24 and Fig. 5.25).
Fig. 5.30 shows the inlet and outlet mass flow and kinematic loss distri-
butions along the span. The pressure loss and mass flow distributions are
reported for each of the four individual passages together with the overall
value corresponding to a full strut pitch. The global performance of the new
multi-profile stator design are compared to the performance of the conven-
tional stator geometry. The mass flow distributions are normalized by the
total mass flow of each passage.
The conventional model performs generally better than the novel multi-
splitter architecture. The pressure loss level and distribution are particularly
different in the top part of the vane channels. At design conditions (case
02), the aero-vane passages B-C and A-B show similar loss distribution to
the ”aero-only” passage. The same consideration holds when comparing the
other two passages (A-S and C-S ) up to mid-span. In the upper part of
these vane passages, the losses are larger and present the same trend as the
single-airfoil calculation. The loss rise in this region also characterizes the
performance of the multi-splitter vane model. When the stagnation point
moves towards the pressure side (case 01), the loss profiles do not change
significantly. The performance of the passage between strut and aerovane
C is enhanced above the mid-span. On the other hand, the passage S-A
shows increased loss penalty in the hub region (approximately up to 20%
of the vane span). This loss rise is probably due to the detrimental effect
of transonic flow conditions occurring in this area. The outlet mass flow is
equally distributed in the radial direction for both cases.
The strut vane performance is drastically altered when the flow has a
negative incidence (case 03-04). A separation region appears at the shroud.
The extension of the separation region appear to be proportional to the
flow incidence magnitude. The recirculation zone obstructs a wide portion
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of the vane passage adjacent to the strut airfoil pressure side (passage S-
C ). Consequently, the radial mass flow distribution is strongly altered, not
only in the passages adjacent to structural-vanes (passages S-A and S-C ),
but also in the central passage B-C. The separation causes an increase of
the flow speed in the lower mid-channel. Since the inlet mass flow rate is
nearly the same as in the other vane passages and the separation region
blocks the upper half of the channel, the flow which enters the passage
close to the shroud is confined in a region between 25% and 60% of the
span. Although the flow quality in the vane channels that comprise the
strut profile is significantly penalized by the flow angle change, the impact
on the global performance of the multi-airfoil LP vane is limited, and the
pressure losses are only doubled.
Figure 5.30: Kinematic loss and mass flow distribution for all cases
The radial loss distribution is massflow-averaged in order to study the
global performance of each passage. Fig. 5.31 displays the global stator
kinetic loss as a function of the pressure ratio. The kinetic losses are plotted
with two different scales in order to highlight the comparison between the
single-profile and the multi-splitter stator configurations (Fig. 5.31, left),
and improve the visualization of the passage-to-passage losses (Fig. 5.31,
right).
The multi-airfoil vane model shows higher losses for all the operating
conditions. However, the performance gap with the conventional model is
less than 1% at design conditions and for positive incidence flow angles. The
performance penalty rapidly increases when the HP turbine flow approaches
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the LP vane with a negative incidence. The aerodynamics of the ”aero-vane
only” geometry is observed to be more robust to large negative flow angles.
The performance of the conventional design remains unaltered for inlet flow
angle with moderate negative incidence (Case 03, α4=11 degrees). The four
vane passages of the multi-splitter configuration generate similar kinetic
losses for positive incidence angles. The central aero-vane passages C-B and
A-B of the multi-splitter stator show improved performances with respect to
the conventional single-airfoil situation. The strut profile modifies the flow
direction in the channel upstream of the aero-vanes. This helps to smooth
the detrimental effect of strong flow incidences on the aero-vane airfoils,
which results in a reduction of the pressure losses compared to ”aero-vane
only” model. The highest increase of kinetic loss is observed for the passage
between the strut pressure side and the aerovane suction side (passage S-C ),
about 4 times higher than in the other three vane passages at the highest
pressure ratio.
Figure 5.31: Variation of the LP vane performance with pressure ratio for
multi-profile and conventional geomtries
5.5 Conclusions
The steady and unsteady aero-thermal field in an innovative multi-profile
LP stator was measured in a short duration test rig in the presence of a fully
rotating high-pressure turbine operated at two pressure ratios and two rotor
speeds. The experiments reproduced the relevant engine non-dimensional
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numbers, namely Reynolds number, Mach number and temperature ratios.
The experimental investigation showed that the struts cause an evident
blockage effect resulting in a circumferential non-uniformity of the aero-vane
inlet flow field. The surfaces adjacent to the strut profiles are the most af-
fected. At the rear part of the airfoils the pressure levels are similar and the
vane outlet field is uniform for all the operating conditions. The structural
vane is sensitive to the negative incidence. The flow separates at strut pres-
sure side when the rotational speed is reduced and a strong acceleration is
observed on the suction side of the aero-vane C. CFD computations revealed
that the strut profiles impose a circumferential gradient on the aero-vane in-
let flow angle. The flow incidence on the aero-vanes always increases from
strut pressure side to strut suction side independently of the rotor outlet
flow angle. At the aero-vane inlet, the flow velocity shows similar pitch-
wise distributions when the operating condition changes. Results suggest
that multi-body stator concept might offer designers a practical solution to
design LP vanes with robust off-design performances.
A complex flow structure was observed for the unsteady pressure field.
The combined effect of multi-splitter configuration and clocking modifies
the spatial periodicity of the unsteadiness structure shed by the upstream
stage. The amplitude and shape of the periodic signals significantly depend
on the circumferential position of the airfoil. Up to four pressure fluctuations
affect the phase-locked traces. However, the presence of the strut does not
cause a dramatic change on the global unsteady performances. Strut and
aero-vanes show generally similar pressure variations. The largest unsteady
loadings are found to occur on the pressure side and the leading edge regions,
more exposed to the rotor disturbances. Surprisingly, the strut vane does
not suffer the highest unsteadiness although its leading edge is closer to the
rotor. The frequency analysis has highlighted that the amplitude of blade
passing is not always the dominant frequency. Depending on the airfoil
position and on the testing regime, the amplitude size of the harmonics
can be far larger than the fundamental. No significant differences appear
between the strut and aero-vanes spectra. However, when the flow separates
on the strut pressure side, large size amplitude levels are observed in a low
frequency band between 500 and 1600 Hz. The recirculation region extends
its influence on the adjacent vane C causing the appearance of a strong peak
at 1200 Hz around the vane crown.
The unsteady forces acting on the four profiles were computed based on
the periodic pressure data. The three aero-vanes experience similar axial
forces, two times larger than the one of the strut. For all the conditions aero-
vane A presents the lowest mean level of tangential force but the weakest
fluctuations are found for aero-vane B. The force modulus was shown to be
the largest for the aero-vanes but again, the unsteady variation is stronger
on the strut (40% of the mean level). At Low-Nom the force applied on the
strut becomes negative due to the wide separated region on the pressure side.
Reducing the turbine pressure ratio also lowers the force fluctuations on the
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aero-vanes. When the rotor speed is also decreased, the force acting on
the strut is almost insignificant. This counter-balances the strong unsteady
angle variations and no dramatic effects on the strut unsteady loading are
expected. The angle variation magnitude for the aero-vanes is rather small
at all the turbine regimes. The total force acting on the whole LP stator
was seen to drop 30% when the pressure ratio was reduced.
Time-average and time-resolved heat transfer measurements on the LP
vane were carried out by means of fast-response thin-film gauges mounted
on a ceramic substrate. In combination with the airfoils’ pressure loads, the
heat transfer information helps to characterize the boundary layer status
and the main driving mechanisms in the boundary layer transition. The
steady heat flux data were compared to existing correlations for ducted
flows, which allowed the detection of the onset of transition. A good match
was observed between the experimental values and the correlations. The re-
sults showed that by-pass transition is mainly triggered by adverse pressure
gradients. The separated flow region found at the strut pressure side at off-
design condition (negative flow incidence) has a significant impact also on
the thermal loads of the LP vane. The unsteady heat transfer data showed
the presence of low frequency heat flux fluctuations related to non-identical
rotor blade geometries. The time-resolved heat flux at the blade passing
frequency yielded information about potential effects on the vanes due to
the interaction with the rotor.
Numerical simulations were carried out to evaluate the aerodynamic per-
formance of the multi-splitter low-pressure stator at design and off-design
conditions. Additionally, the CFD study was extended to a conventional
single-airfoil stator architecture and comparison of the results helped to de-
termine the performance penalty introduced by the presence of the bulky
strut profile. Four turbine pressure ratios were investigated which corre-
sponds to different inlet flow swirl levels at the LP vane inlet. The CFD
was validated against the collected experimental data.
The CFD results showed the effect of the strut profile on the aero-vane
inlet flow conditions and served to quantify the flow angle non-uniformity
across the full stator vane pitch. The static pressure and flow angle distri-
bution at the multi-splitter stator outlet is rather uniform in the pitchwise
direction (±2 degrees), and the potential interaction of the strut airfoil is
limited unless large flow separation occurs on the strut pressure side. The
multi-profile stator geometry results in non-uniform outlet total pressure
distribution among the four vane passages. However, the vane passages
bounded by the aero-vane profiles perform similarly to the passage in the
single-airfoil configuration. The structural-vane is highly sensitive to the
negative incidence and thus the multi-splitter vane configuration result in
poor aerodynamic performance due to the appearance of a separated flow
region on the strut pressure side. The recirculation region partially blocks
the flow passage on the upper half of the channel on the pressure side of
the strut airfoil modifying the mass flow and pressure distribution in the
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span-wise direction.
A methodology was introduced that allows the evaluation of pressure
losses in a multi-airfoil environment. The performance penalty associated
to the multi-splitter vane configuration were quantified and compared to
the conventional, single-airfoil, LP vane model. The two stator geometries
showed similar efficiency levels at design and positive incidence conditions.
When the pressure ratio reduces, the flow becomes locally transonic and pe-
nalizes the performance. The multi-profile vane configuration rapidly loses
its performance when the stagnation point moves towards the suction side
whereas the ”aero-only” design is more robust to flow angle changes. On
the other hand, the multi-airfoil design approach enhances the performance
of the central passages at off-design conditions.
Chapter 6
Conclusions
The present research has addressed the experimental characterization of the
aerothermal flow field in a one and a half turbine stage environment. The
investigated module is composed of a high-speed HP turbine stage and a low
pressure vane with an innovative multi-airfoil design, integrated in a s-shape
transition duct.
The turbine experiments were performed in the large short-duration ro-
tating turbine rig at the von Karman Institute. A series of experiments were
conducted to investigate the unsteady heat transfer and pressure field on the
casing of the transonic shroudless rotor. Another extensive test campaign
was dedicated to the analysis of the aerodynamic and thermal performance
of the multi-body LP vane in an engine-like scenario.
Special attention was paid to the development of accurate rotor tip clearance
measurements in the transient turbine wind tunnel:
 A capacitance-based proximity measurement sensor was successfully
used to resolve the tip gap variations over single rotor blades. The
measurement system was installed on the shroud of the turbine stage
and calibrated in-situ using two different techniques: 1) calibration by
means of an absolute clearance reference provided by wear gauges fit-
ted on the rotor casing ring, 2) sensor self-calibration with no absolute
clearance reference. An advanced data reduction technique was used
to improve the calibration accuracy using the full rotor blade dataset
available.
 A methodology was introduced for the estimation of the uncertainty in
the tip clearance measurements. Theoretical predictions and turbine
measurements showed that the tip clearance could be measured within
±15 µm (20:1) at a working range below 1 mm.
 The blade-average rotor tip clearance was measured to be around
0.2 mm during a typical blow-down run at 6790 rpm and 0.45 mm
for tests at 4500 rpm.
 Experiments revealed that the tip clearance level is sensitive to the
thermal conditions of the wind tunnel as repeated hot gas blow-downs
are performed. The tip clearance was observed to reduce up to 0.05 mm
in a day as the rotor assembly becomes hotter than the casing.
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 The blade-to-blade tip clearance measurements showed a maximum
variation of 0.30 mm over the 64 rotor blades and the blade radius
signature over one rotor revolution remains unchanged from static to
rotating conditions.
The investigation of the rotor casing flow has provided original observa-
tions on the overtip heat transfer and aerodynamics:
 The adiabatic wall temperature and the true Nusselt number were
determined at three circumferential locations around the rotor casing.
The analysis of the heat transfer data was supported by simultaneous
measurements of unsteady static pressure and running blade-to-blade
tip clearance.
 Local unsteady adiabatic wall temperature peaks 40% higher than the
turbine total inlet temperature and Nusselt number fluctuations be-
tween 80% and 140% of the Nusselt time-average value were measured
in the overtip gap region.
 A large variation of the blade-to-blade time-resolved adiabatic wall
temperature and Nusselt number was observed. The fluctuations of
the local driver temperature and Nusselt number showed no correlation
with the tip gap size in a range of tip clearances comprised between
0.3% and 0.9% of the blade span.
 The shroud static pressure is strongly modulated by the tip clearance
variation during a turbine blow-down.
 The shroud static pressure showed a clear match with the adiabatic
wall temperature and heat flux signatures during the rotor spinning-up
phase. This feature pointed out that the blade-to-blade heat transfer
variability is likely to be generated by a flow mechanism that is active
in both the run-up and the blow-down experiments, independently of
the tip clearance size. The magnitude of the unsteady adiabatic wall
temperature amplitudes was also observed to be dependent on the
rotor speed.
 A theoretical model based on Euler’s work equation was used to predict
the flow total temperature change for a pre-rotation test and a turbine
run where strong tip leakage flows take place.
Analysis of the steady and unsteady aero-thermal flow field in the multi-
profile low-pressure stator vane lead to the following conclusions regarding
the novel stator architecture and its interaction with an upstream high-
pressure turbine stage:
 The strut profiles cause an evident blockage effect and worsen the cir-
cumferential non-uniformity of the aero-vane inlet flow field. Identical
rear profiles for the four vane airfoils ensure uniform outlet flow angles.
149
 The bulky strut vane is sensitive to the negative incidence and a large
separated flow region appears on the strut pressure side. The vane
passages adjacent to the strut profiles are the most affected.
 The strut airfoil offers a beneficial effect at off-design conditions by
adjusting the flow swirl at the aerovane inlet section always towards
design values.
 The combined effect of the multi-splitter configuration and clocking
modifies the spatial periodicity of the unsteadiness structures shed by
the high-pressure stage.
 The amplitude and shape of the periodic pressure signals significantly
depend on the circumferential position of the airfoil. However, the
strut does not cause a dramatic change on the global unsteady perfor-
mances and it does not experience the highest unsteadiness although it
is closer to the rotor. The largest unsteady loadings are found to occur
on the pressure side and leading edge regions of the four airfoils. The
three aerovanes experience similar axial forces, two times larger than
for the strut, which in turn, is subject to higher amplitude unsteady
load fluctuations.
 The amplitude of the pressure fluctuations at the blade passing fre-
quency is not always the dominant frequency component. Depending
on the airfoil position and on the testing regime, the amplitude size of
the harmonics can be far larger than the fundamental. The recircu-
lation region on the strut pressure side causes the appearance of low
frequency fluctuations in the pressure and heat flux spectra. The recir-
culation region affects the unsteady aero-thermal field on the adjacent
aerovane.
 The time-average heat transfer on the vane airfoils could be predicted
with existing correlations for ducted flows that allows to detect the
onset of boundary layer transition. By-pass transition is mainly trig-
gered by adverse pressure gradients. When a large flow separation
occurs on the strut pressure side, the thermal loads are significantly
increased on the adjacent vane passages.
 CFD analysis of the multi-profile geometry showed that the total pres-
sure distribution at the LP vane outlet is not uniform among the four
vane passages. However, the vane passages bounded by the aerovane
profiles perform similarly to a conventional single-airfoil configuration.
 The multi-splitter architecture provides efficiency levels comparable
to an ”aerovane-alone” arrangement (no struts) at design and positive
incidence conditions. However, the conventional LP vane configuration
is more robust to inlet flow swirl with negative incidence. Despite
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this, the multi-airfoil design approach enhances the performance of
the central passages at off-design conditions.
This work has provided a significant contribution on two research top-
ics relevant to the design and performance analysis of future aero-engine
HP-LP turbine modules. Instrumentation and data reduction tools were
specifically developed for the measurement of rotor tip clearance in a tran-
sient wind tunnel. It was concluded that accurate tip gap measurements are
required to support aero-thermal experiments in such turbine test rigs. The
experimental research on the casing heat transfer of a transonic shroudless
turbine has reported original findings on the physics and flow mechanisms
of the overtip aero-thermal flow field at very tight tip clearances (<1%h/H).
Prediction tools are used to illustrate possible scenarios related with the de-
sign of transonic blade tip sections. The steady and unsteady aero-thermal
dynamics of an innovative multi-profile LP stator vane was measured in en-
gine similarity. The novelty of the observed flow patterns should serve to
redesign new families of LP turbines with multi-splitter profiles. Results
suggest that the multi-body stator concept might offer designers a practical
solution to design LP vanes with robust off-design performances and with
no significant aerodynamic penalty compared to conventional single-airfoil
architectures. Furthermore, the validity of correlations for heat transfer pre-
dictions in turbomachinery passages was assessed providing a powerful tool
for engineering evaluations of the thermal loads and cooling requirements.
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